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SUMMARY

The demand of a new sustainable on-demand urban air transportation system is pushing the aerospace indus-
try towards new groundbreaking concepts of electrical VTOL vehicles. Various challenges are related to such
type of vehicle, from avionic and flight controls to the determination of efficient propulsive systems and their
integration in the airframe. In particular, in many of these concepts a large number of propellers is present
in configurations where interactions within each other might represent a cause of concerns. This thesis work
aims to understands the fundamental effects of the interaction between propellers in overlapping configura-
tion, which is when the two propellers are placed one after another. In particular, the main focus is directed
towards the effects of the front propeller slipstream on the rear propeller performance.

For this purpose, a numerical model was developed, based upon an existing blade element theory code, prop-
erly modified with a slipstream model and a method through which the blade response to the non uniform
inflow. An experimental campaign took place in Delft University of Technology’s Open Jet Facility, using scale
models of the F29 Fokker propeller. Measurements of the isolated propeller, of the front propeller slipstream
total pressure distribution and of the rear propeller’s performance were taken and compared with the results
obtained through the numerical evaluation. A sensitivity study of the interaction was performed with respect
to several different parameters, such as lateral separation, axial distance between the propellers and their rota-
tional speeds.

Several conclusion can be drawn from the results of this work. Since a broad range of configurations were stud-
ied, it was possible to understand how each parameter influenced the interaction. It was found that a propeller
working in a non uniform inflow, when ingesting the wake of another propeller, can lose up to 80% of its thrust
when fully overlapped. The main factor that influences the magnitude of the experienced losses is the lateral
separation, since it determines the area of overlap. The interaction has a strong impact on the behaviour of the
propeller, and the fundamental reason behind this is that , due to the increased axial velocity of the slipstream,
the part of the blade affected by it develops less thrust and torque components. Once established that the pro-
peller experiences losses due to the interaction, a desired requirement would be to know how much power is
necessary to keep the same thrust as it was before the interaction. It was found that, for an high rate of over-
lap, it is necessary to provide an increase in power equal to 25% of the corresponding power from the isolated
configuration. The comparison between numerical and experimental results shown a good agreement, and it
was possible to predict the effect on thrust and power of the wake impingement on the rear propeller. It should
be noted that the code is both fast and adaptable, therefore every tested configuration has a correspondent
solution performed inside the program.

All of these results allow us to conclude that, when designing such vehicles, the integration of propellers is an
aspect that must be studied in depth, focusing the attention especially on considering the decreased perfor-
mance of a propeller reached by another propeller’s wake. A proper flight control system for these vehicles
should be able to handle the effects of the interaction, since a decrease in the thrust of one of the propeller
could cause static instabilities of the vehicle itself or to higher energy consumption. We can consider this work
as an early step towards the understanding of interaction between propellers in such configurations. More
advanced computational approaches, possibly matched by measurements that involves flow visualization or
noise measurements, should be the focus of follow-up researches on the study of aerodynamic interaction be-
tween propellers.
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SOMMARIO

La richiesta di un nuovo e sostenibile sistema di trasporto aereo urbano on-demand ha mosso l’industria
aerospaziale verso nuovi e innovativi prototipi di velivoli elettrici VTOL. Diverse sono le sfide relative a queste
tipologie di velivolo, dall’avionica e il controllo di folo fino alla definizione di sistemi di propulsione efficient e
la loro integrazione nel corpo del velivolo. In particlare, in molti di questi concepts è presente un alto numero
di eliche in configurazioni dove l’interazione aerodinamica, tra le eliche stesse, è necessario che venga trattata
con attenzione. Questo lavoro di tesi è rivolto alla conoscenza degli effetti fondamentali dell’interazione tra
eliche in configurazioni overlap, cioè quando le due eliche sono poste una dietro l’altra ad una certa distanza.
In particolare, l’attenzione è principalmente rivolta agli effetti che la scia dovuta alla elica anteriore ha sull’elica
posteriore.

A questo proposito, un modello numerico è stato sviluppato, partendo da un esistente codice basato sulla
blade element theory, opportunamente modificato con l’aggiunta di un modello di scia e un metodo tale da
permettere lo studio della risposta della pala a causa del flusso non uniforme. Una campagna sperimentale è
stata condotta nel Delft University of Technology’s Open Jet Facility, utilizzando modelli basati sull’elica F29
della Fokker. Son state effettuate misure dell’elica in condizione isolata, misure della pressione totale presente
nella scia dell’elica anteriore e delle prestazioni dell’elica posteriore, poi confrontate con i risultati ottenuti
tramite la procedura numerica. E’ stato portato avanti uno studio sulla sensibilità dell’interazione rispetto a
diversi parametri, quali la separazione fra le eliche, la loro distanza assiale e la loro velocità di rotazione.

Diverse conclusioni possono essere tratte dai risultati di questo lavoro. Poichè è stata studiata un ampia
gamma di configurazioni, è stato possibile capire come ogni parametro preso in considerazione influenzasse
l’interazione. E’emerso che un’elica operante in un flusso non uniforme, nel caso di ingestione di scia di un
altra elica, può arrivare a perdere fino all’80% della spinta, quando totalmente sovrapposte. Il principale fat-
tore che influenza la gravità delle perdite sopportate è la separazione laterale fra le eliche, in quanto determina
l’area di sovrapposizione. L’interazione ha un forte impatto nel funzionamento dell’elica, e la spiegazione fon-
damentale dietro ciò è che, a causa della componente di velocità assiale presente nella scia, la parte dell’elica
interessata sviluppa componenti di spinta e coppia minori. Una volta stabilita l’entità delle perdite prestazion-
ali dell’elica a causa dell’interazione, un requisito desiderato è la conoscenza della potenza necessaria a sop-
perire alle perdite e mantenere invariata la spinta. Per un alto grado di sovrapposizione, si è trovato che è nec-
essario fornire incrementi di potenza pari a circa il 25 % della potenza corrispondente al caso isolato. I risultati
numerici si son dimostrati essere molto simili a quelli ottenuti tramite le misurazioni sperimentali, e grazie alla
velocità e adattabilità del codice utilizzato, è stato possibile avere una soluzione numerica corrispondente ad
ogni configurazione testata.

La totalità dei risultati ottenuti ci permette di concludere che, al momento di progettare tali velivoli, è nec-
essario concentrare l’attenzione particolarmente sulle configurazioni , che merita uno studio approfondito,
prestando sopratutto attenzioni alla diminuzione delle prestazioni di un’elica raggiunta dalla scia di un altra
elica. Il sistema di controllo del volo per questi velivoli deve essere progettato di modo tale da gestire gli effetti
dell’interazione, in quanto la perdita di spinta di una delle eliche può portare ad instabilità statiche dell’intero
velivolo o a più alti consumi energetici. Tale lavoro può essere considerato come un passo preliminare verso la
comprensione dell’interazione tra eliche in tali configurazioni. Ulteriori approcci computazionali più avanzati,
accompagnati da misurazioni riguardanti la visualizzazione del flusso in prossimità della zona di interazione
o misurazioni del rumore, sono da considerarsi i principali obiettivi di ulteriori ricerche riguardanti lo studio
della interazione aerodinamica fra eliche.

vii





TABLE OF CONTENTS

Acknowledgements iii

Summary v

Sommario vii

Nomenclature xiii

I Background 1

1 Introduction 3
1.1 Demands of electronic VTOL vehicles. . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . 3
1.2 Rotor-Rotor Interference Challenges in eVTOL Vehicles. . . . . . . . . . . . . . . . . . . . . . 5
1.3 Research Objectives. . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . 6
1.4 Thesis Outline . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . 7

2 Theoretical background on propellers 9
2.1 Isolated propeller theory . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . 9

2.1.1 Momentum theory. . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . 9
2.1.2 Blade Element Momentum Theory (BEMT) . . . . . . . . . . . . . . . . . . . . . . . . 10

2.2 Propeller Slipstream properties . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . 11
2.2.1 Induced velocity profile . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . 11
2.2.2 Total and static pressure distribution . . . . . . . . . . . . . . . . . . . . . . . . . . . 12
2.2.3 Contraction . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . 13

2.3 Propeller in non-uniform inflow . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . 13
2.3.1 Propeller in angle of attack . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . 13
2.3.2 Rotor - Rotor interference . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . 14

II Methodology 17

3 Numerical Setup 19
3.1 Isolated propeller setup . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . 20

3.1.1 2D aerodynamic analysis . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . 20
3.1.2 Evaluation of sectional angle of attack . . . . . . . . . . . . . . . . . . . . . . . . . . . 22
3.1.3 Evaluation of sectional thrust and torque . . . . . . . . . . . . . . . . . . . . . . . . . 23
3.1.4 Evaluation of induced velocities . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . 23
3.1.5 Evaluation of total forces and performance of the propeller . . . . . . . . . . . . . . . . 25
3.1.6 Validation of the program . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . 25

3.2 Slipstream model . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . 28
3.2.1 Input from the front propeller solution . . . . . . . . . . . . . . . . . . . . . . . . . . 28
3.2.2 Evaluation of the Axial Induced Velocity . . . . . . . . . . . . . . . . . . . . . . . . . . 29
3.2.3 Evaluation of the Tangential Induced Velocity . . . . . . . . . . . . . . . . . . . . . . . 30
3.2.4 Defining the input for the rear propeller . . . . . . . . . . . . . . . . . . . . . . . . . . 30

3.3 Rear propeller setup . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . 32
3.3.1 Quasi steady Analysis . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . 32
3.3.2 Unsteady analysis . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . 33

4 Experimental Setup 37
4.1 Test Campaign Overview . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . 37
4.2 Wind Tunnel Facility . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . 38
4.3 Wind Tunnel Models . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . 38
4.4 Measurement techniques . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . 41

4.4.1 Propeller Performance Measurements . . . . . . . . . . . . . . . . . . . . . . . . . . . 41
4.4.2 Total Pressure Measurements . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . 41

ix



x TABLE OF CONTENTS

4.5 Test Conditions and Parameters. . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . 42

III Results 45

5 Numerical Results 47
5.1 Analysis Overview. . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . 47
5.2 Isolated Propeller Performance . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . 47
5.3 Slipstream model results . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . 49
5.4 Rear Propeller Performance: Interaction Effects. . . . . . . . . . . . . . . . . . . . . . . . . . 50

5.4.1 Propeller inflow . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . 50
5.4.2 Comparison between Quasi Steady and Unsteady Results . . . . . . . . . . . . . . . . . 53
5.4.3 Effects of the interaction on the performances . . . . . . . . . . . . . . . . . . . . . . . 55
5.4.4 Effect of the Interaction on the Rear Propeller Thrust . . . . . . . . . . . . . . . . . . . 57
5.4.5 Increased power requirement to recover the loss of thrust . . . . . . . . . . . . . . . . . 58

6 Experimental results 61
6.1 Measurement Overview . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . 61
6.2 Isolated Propeller Performance . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . 61
6.3 Front Propeller Slipstream Measurements . . . . . . . . . . . . . . . . . . . . . . . . . . . . 63
6.4 Rear Propeller Performance: Interaction Effects. . . . . . . . . . . . . . . . . . . . . . . . . . 66

6.4.1 Effects of the interaction on the performance . . . . . . . . . . . . . . . . . . . . . . . 66
6.4.2 Effect of the Interaction on the Rear Propeller Thrust . . . . . . . . . . . . . . . . . . . 68
6.4.3 Increased power requirement to recover the loss of thrust . . . . . . . . . . . . . . . . . 69

7 Comparison and Discussion of Numerical and Experimental Results 71
7.1 Isolated Propeller Performance . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . 71
7.2 Front Propeller Slipstream . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . 72
7.3 Rear Propeller Performance: Interaction Effects. . . . . . . . . . . . . . . . . . . . . . . . . . 73

7.3.1 Effect of the Interaction on the Rear Propeller Thrust . . . . . . . . . . . . . . . . . . . 73
7.3.2 Increased Power Requirement to Recover the Loss of Thrust . . . . . . . . . . . . . . . . 77

8 Conclusions and Recommendations 79
8.1 Conclusions. . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . 79
8.2 Recommendations for future works . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . . 81

IV Appendices 83

A Influence of the critical amplification factor 85

B Sensor Calibration Matrix 87

C Additional Numerical Results 89

Bibliography 91



NOMENCLATURE

LIST OF SYMBOLS - LATIN

Symbol Description Unit

a
Adimensional axial induced factor, a=va/V∞ -

Speed of sound m/s
A Propeller area m2

acor Coriolis acceleration m/s2

acen Centrifugal acceleration m/s2

at Non-dimensional tangential induced factor, at = vt /Ωr -
a′

t Non-dimensional tangential induced factor, a′
t = vt /V∞ -

B Number of blades -
c Blade section chord m

cd Drag coefficient -
cl Lift coefficient -

Cp Pressure coefficient -
CP Power coefficient, CP = P/ρn3D5 -
CT Thrust coefficient, CT = T /ρn2D4 -
∆CT Thrust coefficient difference due to the interaction -

D
Drag force N

Propeller diameter m
dy Adimensional lateral separation position -
dx Adimensional axial separation position -

f
Prandtl loss factor exponent -

Frequency Hz
F Prandtl loss factor -
f0 Non-dimensional freestream velocity -
J Advance ratio, J =V∞/nD -

Jn nth order Bessel function of the first kind -

k
Harmonic order -

Index -
Kn nth order Bessel function of the second kind -
L Lift force N

M∞ Mach number -
n Rotational velocity rev/s
N Critical amplification factor -
p Pressure m
P Power W
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1
INTRODUCTION

1.1. DEMANDS OF ELECTRONIC VTOL VEHICLES

The desire to fly has always been present in humanity, but the first individual to approach the manner "scien-
tifically" was Leonardo Da Vinci. His flying machine, of which we can see the design in Figure 1.1, is basically a
helical air screw, and it was conceived to lift off the ground vertically, like modern helicopters do.

Figure 1.1: Original drawing of the Leonardo da Vinci flying machine

However, the practical solution proposed by Wright brothers of sustainable flight, based on the concept of
a fixed wing that generates lift, became the first and most widespread way to achieve human flight. During
the second half of the previous century helicopters proved to be an essential machine for numerous works and
application. The main limits of the helicopters are related to the extremely short range and speed achievable.
So, the search for an aircraft type with Vertical Take Off and Landing (VTOL) has always been present in the
aerospace research, since it could fill the gap between a direct lift aircraft and helicopters, thanks to the high
vertical lift efficiency and relatively low disc loading, as it’s shown in Figure 1.2.
VTOL field of application is potentially very broad, even though its biggest and well known example is the Bell
Boeing V-22 Osprey, a titrotor military aircraft. However recently, thanks to the rise of small unmanned ve-
hicles, a renewed interest in urban air transportation has grown, and electric VTOL could really represent a
groundbreaking solution to this demand. The problem of wasted time during commuting between work and
home in big cities is becoming more and more relevant. On average, in 2015 commuters in Los Angeles and
Sidney spent seven whole working weeks each year commuting, two of which are wasted stuck in gridlock. In
megacities like Mumbai, the average daily commuting time is more than 90 minutes [1]. This means less time
working or with families, but also more money spent on fuel and increased level of stress.

3



4 1. INTRODUCTION

Figure 1.2: Power loading vs. disc loading for different VTOL vehicle types. (From [2], original at [3])

Uber Elevate project and the Clean Sky research programme funded by the EU’s Horizon 2020 programs
both contributed in rising and pushing the industry and the research toward disruptive concepts in the aerospace
industry. Numerous companies have joined in the recent years their mission, developing a wide range of dif-
ferent types of eVTOL vehicles, along with other technologies like vehicle autonomy or distributed electric
propulsion. The idea of distributed electric propulsion is to replace the single complex rotor system with mul-
tiple simpler thrusters, in most cases propeller driven by electric motors, in order to improve emissions, safety
and noise [4]. Many requirements define the eVTOL model proposed by Uber, such as high specific energy
batteries (around 400 Wh/kg) or 500 kW of power for short term take-off [1]; thanks to the dramatic develop-
ment of electric motors and batteries, it is possible to obtain very high specific powers and energy, as shown in
Figures 1.3 and 1.4.

Figure 1.3: Specific power density of current piston engines
(squares) and electric motors (circles) [5]

Figure 1.4: Yearly development of cost and energy density of
batteries [6]

The most recent unveiled concept is the Nexus by the American-based company Bell. The Bell Nexus was
announced on April 25, 2017 at the Uber Elevate Summit and a cabin experience was presented at the Con-
sumer Technology Association’s CES 2018; a full mock up concept of the aircraft was shown at the 2019 edition
of Consumer Technology Association’s CES [7] and is depicted in figure 1.5a. This hybrid electric aircraft has
six propellers, each of them located inside a tilting duct, three for each side with the central pair of propellers
attached to a 2.4 m wing. Two different versions of the Nexus are currently in developments, one that holds one
passenger and one pilot and one that holds six passengers.



1.2. ROTOR-ROTOR INTERFERENCE CHALLENGES IN EVTOL VEHICLES 5

In early 2016, A3 (pronounced "A-cubed") - an advanced project of Airbus Group in Silicon Valley - began the
development of Project Vahana, an autonomous vehicle featuring two tilting wing, with four propellers at-
tached to each wings. A3 Vahana’s first test flight occurred in January 31st, 2018, and since then, 50 full-scale
test flights have been flown, for a total of 5 flight hours [8]; in figure 1.5b the vehicle is shown in the hoovering
condition. Key features of the Project Vahana regards mainly safety, scalability and affordability. They aim to
save a total of 78% of the costs if compared to a conventional helicopter. Moreover, by implementing a full-
autonomous piloting system, A3 believes that an improvement in safety and situational awareness will follow
[4]. Two versions of the Vahana have been planned, for one and two passengers.
At last, it is worth mentioning the vehicle proposed by the Santa Cruz company Joby Aviation (possible name,
according to FAA registration records is S4). The company takes a low profile on promoting this concept, and
at the present moment no technical details have been released. The S4 has a large aspect ratio wing with in-
verted delta, equipped with 8 tilt-rotors, and a v-tail with 4 tilt-rotors mounted on it. It is known that the first
flight occurred on February 1st, 2018 where the prototype took off and completed a 15 minute, 15 mile loop
and performed a safe landing [9]. A rendering of the S4 is presented in Figure 1.5c

(a) Bell Nexus concept in hover configuration (Bell graphic)
(b) Full scale Vahana model during test flight (Property of Airbus Group)

(c) Joby Aviation S4 concept in hover configuration (Property of Joby
Aviation)

Figure 1.5: Most relevant eVTOL concepts mentioned in this work. From top left: Bell Nexus, A3 Vahana, Joby Aviation.

1.2. ROTOR-ROTOR INTERFERENCE CHALLENGES IN EVTOL VEHICLES
Referring to the vehicle configuration just presented, it is possible to appreciate the high number of propellers
driven by electric motors. Many challenges are related to these configurations, for example the assessment
of an accurate autonomous controller system, or the integration between different avionic system for such a
complicate design. Moreover, it is possible to notice how the propellers are close to each other, and overlap
between them is present. This means that it is possible to predict that different degrees of interaction happen
between propellers. In particular, it is possible to delineate two main types of interaction, outlined in Figure
1.6.
Interactions could happen when two propeller are close in a side by side configuration, especially if between
the thrust direction and flight direction a strong angle is present. The two slipstreams might interacts, therefore
influencing the load distribution of the propellers.
This thesis work, however, is focused on the second case of interaction, where propellers are in a overlapping
configuration. In this case, the slipstream of the front propeller reaches the rear propeller disc. It is possible to
appreciate, looking again at Figure 1.5, the variety of distances between the propeller disc, and the degree of
overlap. We can expect that the both propeller are mutually influenced in this configuration, even though the
rear one, probably, is much more affected. In a propeller’s slipstream, depending on the load level of the pro-
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peller, an axial and tangential velocities are present. When a propeller operates in such type of flow, its blades
are subject to unsteady inflow, therefore generating unsteady load. We can already expect that this behaviour
will have some strong impact on the overall, time averaged propeller performance.
The majority of the studies regarding interaction between propellers or rotors comes from the research about
coaxial rotors in helicopters, while the available data and researches about partial overlapping are very limited
and case-specific. This is justified by the fact that, until now, an aircraft configuration for which such a phe-
nomenon happen has never been really common. Moreover, apart from experiments, the simulation of such
interaction is still computationally expensive. However, we can find already from the ’50s some interest in this
topic, especially for propellers mounted on a wing, with some authors that underline an increase in thrust of
the rear propeller due to the overlap [10] in a configuration where both propeller discs are close to each other.
Another study [11] concerning rotors overlapping in tandem configuration for helicopters, shows an increased
κi nd

1 for overlaps up to d/D = 0.6 in hover flight. This increased induced power of the tandem system is con-
ceivably due to the increased inflow velocity seen by the rear rotor.
Attention towards rotors interaction due to overlap has recently seen a new rise thanks to investigation towards
small unmanned drones equipped with a quadrotor system. Ref. [12] shows a dramatic loss in thrust has been
found for an overlap of a propeller radius, along with a much smaller loss in drag. In ref. [13] shows interest-
ing and unexpected results, partially confirming the results obtained in ref. [11]. The most extensive research
about the argument is presented in ref. [14], where both rotors performance involved in the interaction are
studied for a wide range of overlap.
However, at the present day, it is not possible to find a research where such interaction is extensively studied.
Each of the aforementioned researches presents results where the axial separation between propellers disc is
quite small, therefore not useful to understand what the interaction’s effects could be in cases where the axial
distances between the propellers is more than one propeller radius, for example. Moreover in general the main
focus of the cited references is to understand the effects in terms of gain or loss of efficiency of the whole system
made by two rotors.

Figure 1.6: Propellers configurations present in eVTOL vehicles: side by side or one after another.

1.3. RESEARCH OBJECTIVES
The main topic of this thesis is focused on the understanding of the fundamental aerodynamic phenomena
that characterize the interaction between two propellers in overlapping configuration. In particular, through
numerical and experimental investigation, the main research aim can be defined as such:

The aim of this research project is to study from a numerical and experimental approach the effect on the
performance of an interaction between rotors, when they are in an overlapping configuration.

It should be noted that, due to limitation both from numerical resources and experimental setup, the results
presented are mainly focused on the effect of the interaction relative to the propeller downstream the front one.

In order to fulfill the research aim, it is required to satisfy the following research objectives :

• To understand and study what are the main parameters and operating conditions that influence the in-
teraction and what are their effect on the performance

1κi nd = (Pi )t andem

2(Pi )si ng le
, see [11]
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– the influence of the lateral and axial distance between the propellers on the interaction

– the influence of the thrust levels of both propellers on the interaction

The experimental campaign planning was structured so that the largest range of possible configuration
was studied.

• To develop a numerical tool capable to predict the effects of the interaction on the rear propeller. This
tool needs to be reliable and fast, the desired outcome from its development is to predict the entire range
of configurations tested during the experiments.

1.4. THESIS OUTLINE
The body of this thesis work consists in three main Parts and a total of eight Chapters, organized as in Figure
1.7. Part I consists of this Chapter which serves as a general introduction to the propellers interaction issues
present in eVTOL future concepts. In Chapter 2 a theoretical background is discussed, presenting the main
theories used to study propellers’ behaviour and performance.

The second Part presents the methodology used in this work. The numerical evaluation performed in order
to predict the effects of the interaction is treated in Chapter 3, and subsequently Chapter 4 deals with the setup
and methodology adopted in the experimental test campaign.

Finally, in Part III the results are discussed, and following the structure of the previous Part, in Chapter 5
the numerical evaluation are presented, while the results obtained through the experiments are proposed in
Chapter 6. After the separate discussion of numerical and experimental results, in Chapter 7 they are compared.
At last, in Chapter 8 the conclusions drawn from this work are stated, along with recommendations for future
research.

Figure 1.7: Thesis outline





2
THEORETICAL BACKGROUND ON

PROPELLERS

This chapter presents an overview of the theoretical background on which the present work is based. The
main methods and theories used to study propellers are presented in Section 2.1, a description of the propeller
slipstream in Section 2.2, and finally in Section 2.3 a general framework on propeller in non uniform inflow is
presented.

2.1. ISOLATED PROPELLER THEORY
In this Section the two main theories used to describe propellers are presented. In Subsection 2.1.1 the basis of
the momentum theory are shown, while in 2.1.2 the Blade Element Momentum Theory is discussed in its main
aspects.

2.1.1. MOMENTUM THEORY
The main function of a propeller is to convert mechanical energy, provided by a motor, into a force , called
thrust. In the momentum theory [15] the propeller is an infinitely thin disc and the thrust is seen as a change in
the momentum of the flow, generated by a low static pressure distribution in front of the propeller and a higher
pressure right behind the propeller. The decrease in pressure accelerates the flow through the control volume
defined as a streamtube, outside of which the flow is at a constant stagnation pressure. The total pressure at the
disc location sees a jump of its value and remains constant inside the downstream part of the streamtube, that,
due to the acceleration of the flow, contracts. The induced axial velocity va at the propeller disc is half its value
in the far field downstream, due to the equalization of the static pressure inside and outside the streamtube
[16]. The axial momentum theory neglects the swirl component imparted by the propeller’s rotation, but it is
useful to get the thrust generated by the propeller. For future reference, in Figure 2.1 are shown also the non
dimensional radial coordinate η= r /Rp , the non dimensional axial coordinate ζ= x/Rp and the polar angleΨ.
The effects on the flow quantities can be seen in Figure 2.2.
The thrust generated by the propeller, following the general momentum theory is given by

T = 2Apρ(V∞+ va)va (2.1)

The power generated by the propeller P must be equal to the increase of the kinetic energy inside the slipstream,
so that:

P = 2Apρ(V∞+ va)2va (2.2)

Along with the thrust, which is the force in the direction normal to the propeller disc, torque and normal forces
are the other main components that acts on the propellers. It is often useful to consider non dimensional
quantities to represent the thrust and power so that the comparison between different propellers, or within the
same propeller’s different configurations, is more appropriate.

CT = T

ρn2D4
p

CP = P

ρn3D5
p

(2.3)

9
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With n the rotational speed of the propeller in rps and Dp the diameter of the propeller. In the literature there
is some contradiction about how to represent the efficiency of the propeller, but the most common form is the
one from Glauert [16].

η=V
T

P
(2.4)

Generally, to understand the behaviour and the performance of a propeller, the adimensional quantities in
Equation 2.3 and 2.4 are plotted versus the advance ratio J = V∞

nD , which is an adimensional factor that represent
the load level of the propeller. A propeller operating at a low advance ratio is defined as highly loaded propeller,
while it is a lightly loaded propeller for high values of J.

Figure 2.1: Propeller coordinate system

Figure 2.2: Distribution of the flow quantities in the
momentum theory

2.1.2. BLADE ELEMENT MOMENTUM THEORY (BEMT)
The momentum theory bases the evaluation of the thrust and torque of the propeller by considering of the
mean axial and rotational velocity in the slipstream. An attractive method that extends the momentum theory,
initially developed by W. Froude and then established by S. Drzewiecki [17], is the blade element momentum
theory.
This method is well known for its accuracy and relatively low computational cost, and due to its adaptability to
different problems, is indeed the foundation of the numerical approach explored in this thesis; in this section
only the main features and formulations will be presented.
Considering an element of a blade extending over a length dr of the radius at a distance r from the axis of
rotation, the cross-section of this element has the shape of an airfoil section. It is important to notice that an
assumption of the BEMT is that each individual blade element is independent and not influencing each other.
As shown in Figure 2.3, in BEMT the aerodynamic force acting on the blade element can be estimated as the
force on an airfoil, advancing through air at a velocity W, defined as:

W =V 2
∞+Ω2r 2 (2.5)

WithΩr the rotational velocity and V the forward velocity. The local incidence of each element is:

tanφ= V

Ωr
(2.6)

Propeller blades present are generally highly twisted, and we can associate to each element a local pitch angle
β, therefore the local angle of attack α is:

α=β−φ (2.7)

The validity of the theory and therefore the actual solution of the propeller loading depends on the lift and drag
characteristics of the airfoil (or airfoils) chosen for the blade element. Each element will experience a lift force
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dL perpendicular to the direction of motion and a drag force dD opposed to the motion, expressed as follows:

dL = 1

2
ρW 2ccl dr

dD = 1

2
ρW 2ccd dr

(2.8)

With c the chord of the local airfoil. We can solve the thrust and the torque of the element, the former in the
direction of the forward motion and the latter in the opposite direction of rotation:

dT = dL cosφ−dD sinφ

dQ = (dL sinφ+dD cosφ)r
(2.9)

By substituting in , and considering the number of blades B:

dT

dr
= 1

2
BcρW 2(cl cosφ− cd sinφ)

dQ

dr
= 1

2
BcrρW 2(cl sinφ+ cd cosφ)

(2.10)

Figure 2.3: Blade element velocity and force diagram without induced velocities

2.2. PROPELLER SLIPSTREAM PROPERTIES
The slipstream generated by a propeller is a complex aerodynamic system. An intuitive representation of the
propeller wake is described in the work of Veldhuis [18]. The blade is nothing more than a rotating wing that
produces an helical vortex system, that produces self-induced velocities. These velocities cause a roll up of the
vortex wakes, creating a slipstream tube with strong gradients of quantities both in radial and axial direction.
Many aspect and quantities are involved, but the most relevant for this research are:

• Axial and tangential velocity profile

• Total and static pressure distribution

• Contraction

These quantities are further described in the following sections. More on the slipstream model used for the
numerical work can be found in the "Methodology" part of this work.

2.2.1. INDUCED VELOCITY PROFILE
The lifting line theory by Prandtl [19] was adapted to propeller by Betz [20], and describes the potential flow
around the blade in which the lifting surface is represented as a bound circulation distribution ΓB . The vari-
ation of bound circulation generates free vortex lines γ with a magnitude equal to the variation of the bound
circulation.
If we split this vortex system in an axial and tangential direction it is possible to understand better the effect on
the induced field. The two components are:

γa =−dΓB

d y
cosφ (2.11)
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γt =−dΓB

d y
sinφ (2.12)

This schematic picture can be seen in Figure 2.4 where the tangential vorticity is represented as vortex rings.
The tangential vorticity γt induces the axial component of the velocity, va .

Figure 2.4: Streamtube model with vortex distribution (from [16])

So, va is directly related to the loading distribution in the blade spanwise direction, and usually the maxi-
mum value is around 3

4 R location and its value at the propeller disc is half that in the far wake.
The tangential, or swirl, component of the induced velocity, vt , is due to the bound circulation, and upstream,
since there is no vorticity, its value is zero. So, the axial component of the vorticity, γa , contributes to the swirl
velocity and cancels the upstream effect of the bound circulation, causing a value of tangential velocity at the
propeller disc equal to half the one right behind the propeller. If we look at Figure 2.5 it is more clear how two
different elemental bound vortices OR and OS induce a equal but opposite in sign axial components, while a
different situation concerns the tangential components, whose direction is the same.
Along the slipstream, the circulation must remain constant and equal to 2πvt r 2, with r the radius of the slip-
stream section. With the slipstream contracting to a smaller radius, by the conservation of the circulation, the
tangential velocity in the slipstream increases slightly.

Figure 2.5: Axial and tangential velocities induced by the propeller blades (from [18])

2.2.2. TOTAL AND STATIC PRESSURE DISTRIBUTION

Looking at the static pressure development in front of the propeller, it decreases until a jump across the disc,
and then decreases again until it reaches the constant pressure outside the slipstream. The total pressure jumps
as well but to a constant value. At the location of the propeller disk there is a small difference between the total
increase in static pressure and total pressure. This can be explained with the kinetic energy of the rotational
motion imposed to the fluid by the torque of the propeller [18], and it can be demonstrated as follows.
Considering the total pressure of the flow before and behind the propeller disc, assuming no contraction in the
slipstream an the radial component of the velocity vr = 0:

pt ,∞ = p∞+ 1

2
ρV 2

∞ =

= p + 1

2
ρ((V∞+ va)2 + v2

t )
(2.13)
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Let’s now consider the total pressure far downstream, whose quantities are denoted with the index s:

pt ,s = p +∆p + 1

2
ρ((V∞+ vas )2 + v2

ts
) =

= ps + 1

2
ρ((V∞+ vas )2 + v2

ts
)

(2.14)

Therefore, the jump in total pressure is:

pt ,s −pt∞ =∆p + 1

2
ρv2

t (2.15)

The total pressure is increased, compared to the static pressure jump ∆p, by a factor 1
2ρv2

t , which is the kinetic
energy imparted to the fluid by the torque of the propeller.

2.2.3. CONTRACTION
As the axial velocity in the slipstream increases, the slipstream radius has to decrease in order to preserve the
mass flow. The contraction of the slipstream is quite small, but for heavy loaded propellers is not negligible and
has to be taken into account for the interaction with the rear propeller.
Theodorsen proposed a complicated model for the slipstream that takes into account the radial component
of the velocity, and in [21] is shown how the contraction in the ultimate wake is a few percent of the propeller
diameter. However, an easier method can be adopted, and the ratio of contraction can be approximated as [18]:

Rs (x)

R
=

√√√√ 1+a

1+a
(
1+ xp

R2+x2

) (2.16)

With a = va/V∞ is the adimensional axial factor.

2.3. PROPELLER IN NON-UNIFORM INFLOW
In practical applications, propellers are usually subject to non-uniform inflow, due to the presence of a body
like a wing, or due to an angle of attack of the whole aircraft. The absence of an axis-symmetric inflow field
generates an azimuthal variation of the local angle of attack experienced by the blade, thus inducing a non-
symmetric load distribution over the propeller disc.

2.3.1. PROPELLER IN ANGLE OF ATTACK
Assuming an incidence angleα, in fig 2.6 the propeller plane is shown, withΨ the azimuthal angle. From 2.7 we
can see that the horizontal component of the inflow velocity is constant for the whole propeller, while the one
in the propeller plane, W sinα depends on Ψ. Between Ψ = 0◦ and Ψ = 180◦ the blade is downgoing and the
in-plane speed is the sum of the rotational velocity and W sinα component, while from Ψ = 180◦ to Ψ = 360◦
the situation is the opposite. The two areas are called advancing and retreating blade area [22].

Y

Z

Figure 2.6: Azimuthal reference system
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Due to the increased local angle of attack and speed in the advancing area, the overall lift and drag in this
area will be greater than in the retreating area. If we project the resultant of the two forces on the propeller
plane, we obtain a positive force.

Figure 2.7: Blade angle of attack variation due to propeller pitch angle [18]

In the advancing area the blade generates more thrust, therefore the wake shed in this region is richer in
circulation which induces greater velocity, compared to the retreating half. From numerical simulation of the
propeller it’s possible to see how the area of greater induced velocity is betweenΨ= 330◦ andΨ= 150◦ and as a
result of this, the blade at the azimuthal position ofΨ= 180◦ sees a greater angle of attack, compared to a blade
passing atΨ= 0◦. This non symmetrical condition generates an in-plane horizontal positive force.

2.3.2. ROTOR - ROTOR INTERFERENCE

In literature is difficult to find a fast and easy method supported by a well established theory that covers the
problem of propellers interaction in the case of partial overlap at high axial distance. The flow tube developing
downstream from the front propeller influences the rear rotor, and this is the fundamental physical concept
of the rotor interference, assuming that the rear propeller has no influence upstream. Looking at the situation
in 2.8 we can already see that the geometrical relative position between the two propellers is critical for the
interference. In particular, assuming that both propellers have parallel axis of rotations, the axial separation dx

and lateral separation dy are the most important parameters.

Figure 2.8: Geometrical schematization of the interaction between propellers in overlapping configuration
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The rear propeller will see, partially, an increased axial velocity field due to the slipstream of the front pro-
peller. This cause the blade to see a decreased local angle of attack therefore generating less aerodynamic forces
compared to those in the region unaffected by the impingement. It is already possible to expect an increase
in the loss of thrust with the decrease of the factor dy , since the effect of the axial velocity are not related to
the rotational velocity direction of the rear propeller. Moreover, the mean axial velocity of the slipstream grows
with the thrust level of the front propeller.

Figure 2.9: Streamtube mix of two rotors (from [23]

A low - level approach, based on momentum theory, was taken by Stepniewsky [23] for the case of rotors
interactions in tandem configuration in helicopters as depicted in 2.9. The geometric position of the rear ro-
tor with respect to the centerline of the streamtube affected by the front rotor is hr e , which can be seen as a
resultant of the previous mentioned dx and dy . The induced power of the front rotor is:

Pi nd f r
= v f r T f r (2.17)

While the induced power of the rear one can be broken down into two components, one related to the undis-
turbed part:

Pi ndr e f r ee
= Tr e vr e

( Ar e f r ee

πR2

)
(2.18)

and the part where the slipstream impinges the disc:

Pi ndr emi x
= Tr e (2v f r + vr e )

(
Ar emi x

πR2

)
(2.19)

The Ar emi x is the mixed area and Ar e f r ee represents the part of the rotor disc interested only by the freestream.
By summing the three components, we obtain the total induced power of the tandem system:

Pi nd = v f r T f r +
(

Tr e

πR2

)[
vr e Ar e f r ee + (2v f r + vr e )Ar emi x

]
(2.20)

The average induced velocity can be expressed as

v f r =
T f r

2πR2 pV

vr e = Tr e

2πR2 pV

(2.21)

In the case of both rotors producing the same thrust, equal to T /2, the final expression for induced power is:

Pi nd =
(

T 2

πR2 pV

)[
1

4
+

(
1

4πR2

)
(Ar e f r ee +3Ar emi x )

]
(2.22)

Stepniewski then adopts an adimensional factor, ki ndho
, to evaluate the ratio between the induced power of the

tandem system and the induced power of two isolated rotors:

ki ndho
= Pi nd

2Pi nd 1
2 T

(2.23)
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And we obtain:

ki ndho
= 2

[
1

4
+

(
1

4πR2

)
(Ar e f r ee +3Ar emi x )

]
(2.24)

As can be seen in the Figure 2.10 for the two rotor in a coaxial configuration, ki ndho
is equal to 2. The behaviour

of the curve in respect to the factor hr e is then compared to measurement obtained by Boeing Vertol in wind-
tunnel test, and shows a remarkable agreement with the theory.

Figure 2.10: The ki ndho
factor vs separation hr e (from [23]

Another study on the subject ([14]) shows results that agrees well with the theory, except for the case of full
overlap, for which the theory seems to overestimate the induced power of the tandem system. Same for refer-
ence [24], where the lower values for the ki ndho

are due to the closer spacing between the two rotors, where the
contraction is not yet fully developed. Less contraction of the wake cause a reduced induced axial velocity in
the impingement region, therefore decreasing the effect of the interaction.
This simplified approach based on momentum theory leaves out of the frame the tangential component of
the slipstream, and is worth to understand how it’s expected to have an influence on the rear propeller be-
haviour. Assuming that both propellers have the same rotational direction, looking at point A in reference 2.11
the blade section sees the induced tangential velocity from the front propeller vt f r opposing the rotational
speed Ωr , therefore causing the angle φ to increase, reducing the local angle of attack. This reduced angle of
attack causes the aerodynamic forces on the blade to be lower if compared to an ideal situation where only the
axial component of the slipstream is present. On the other side, in B the tangential component increases the
in-plane velocity causing an increased angle of attack therefore when the blade is in that position will generates
more thrust compared to the previous mentioned situation.

Figure 2.11: How the slipstream tangential component interacts with the blade section: in A) it opposes the rotational velocity; in B) it is in
the same direction of the rotational velocity
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3
NUMERICAL SETUP

In this chapter the methodology used in the numerical analysis is described, analysis performed to compute
the effects of the interaction between the front propeller slipstream and the rear propeller. A schematic pre-
sentation of the approach followed is depicted in Figure 3.1.

Figure 3.1: Schematic flowchart of the numerical approach used in this work

First, the front propeller loading distribution is solved as discussed in Section 5.2. Subsequently, from the
solution of the front propeller it is possible to obtain the velocity distribution in the slipstream, as described in
Section 3.2. At this point the superimposition of the slipstream "disturbance" field over the rear propeller disc
is performed, and the effects on the rear propeller performance are discussed in Section 5.4.

19
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3.1. ISOLATED PROPELLER SETUP
The main solution of the propeller is based on the BEMT program Prop1D, written in F77 language by Veldhuis
and adapted for this particular study. The solution of the propeller loading performed by the program is based
on the theory by Glauert [16] adapted to the blade element method, and uses the tip loss factor of Prandtl.
The program needs the airfoil properties in term of sectional lift and drag coefficients, cl and cd , in order to
evaluate the whole induced field for each element. In fact, obtaining the correct induced field, hence the right
angles of attack and forces acting on the blade element, requires a convergence loop that iteratively evaluates
the induced va and vt . The main input for the program is, for each section, two polar curves for two different
Re numbers, and then a bilinear interpolation is performed to obtain the appropriate values of the lift and
drag coefficients. In Subsection 3.1.1 the procedure to obtain the airfoil properties is shown. The evaluation
of the local angles and velocities acting on the airfoil is presented in 3.1.2, while in Subsection 3.1.3 it is shown
how the program interpolates the input aerodynamic data in order to obtain the local thrust and torque. The
induced velocity evaluation is described in Subsection 3.1.4 and finally in Subsection 3.1.5 the propeller is fully
solved and the adimensional coefficients are evaluated.

3.1.1. 2D AERODYNAMIC ANALYSIS
A BEMT code usually needs to be fast and not computationally expensive, and in order to achieve this goal
usually the aerodynamic analysis is performed through a 2D sectional computation. Since the research aim
of this thesis is to validate a method, a design and optimization process is not required, therefore the airfoils
geometry is taken by the CAD model of the blade we are referring to. For the analysis 15 sections of the F29
propeller’s blade are chosen, but in the program 6 more sections are taken into account by interpolating the
values from the analyzed sections.
The tool used for the 2D analysis is RFOIL ([25], [26]), a modified and improved version of XFOIL developed
by TU DELFT, ECN (Energy Research Center of Netherlands) and NLR (Netherland Aerospace Center) and it’s
mainly used for wind turbine studies. RFOIL is a 2D panel method and the transition calculation is based on
the en method. The main improvements of this method compared to XFOIL are:

1. Improved convergence stability for high angle of attack

2. The closure relations for the turbulent boundary layer calculation have been adjusted, leading to an im-
proved stability of the code

3. Correction to the evaluation of the maximum lift

4. Integration of the rotational effects

As cited by Rooij in [26]: ’In general the prediction of the airfoil characteristics with RFOIL will show a reduced
drag coefficient of 10% and its prediction of the lift curve near stall will be reasonably well’.
The tool is run by a MATLAB script that inputs into the program the desired requirements in terms of flow
condition, transition properties and airfoil sections. A complete list of RFOIL inputs is presented below:

• Range of α to perform the analysis

• Inflow velocity V∞
• Rotational speed n

• Radial position of the airfoil section η= r /R

• Air properties like density ρ, viscosity µ and speed of sound a

• Critical amplification factor N

• Airfoil properties like chord c and the profile geometry (either NACA digits or coordinates)

• Transition can be set either free or forced

• In order to evaluate the rotational effects, the chord to radius ratio c/r (or local solidity) is needed, along
with the adimensional freestream velocity f0

The effective velocity that reaches the airfoil is evaluated as the resultant of the inflow velocity and the rota-
tional:

W =
√

V 2∞+ (Ωr )2 (3.1)

The Reynolds number is evaluated based on the current W and section chord and is the main inflow input for
the program:

Re = ρcW

µ
(3.2)
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COMPRESSIBILITY CORRECTION

The outboard sections of a propeller blade usually operate in transonic range, and therefore a correction that
takes this into account is needed, and the program uses a Karman-Tsien compressibility rule:

Cp = Cp,0√
1−M 2∞+

[
M 2∞/

(
1+

√
1−M 2∞

)]
Cp,0/2

(3.3)

with M∞ the Mach number of the freestream velocity and Cp,0 the uncorrected pressure coefficient.

ROTATIONAL EFFECTS

Based upon the analysis by Snel [25], the effect of the rotation of the blade is taken into account. The rotational
effects due to Coriolis and centrifugal forces are ’translated’ into the local solidity c/r of the blade section. Due
to this feature the code can be interpreted as a quasi-3D program. The Coriolis acceleration is given by:

acor =−2Ω × Vr el (3.4)

With Vr el the velocity vector relative to the rotating propeller frame of reference. The centrifugal acceleration
is given by:

acen =Ω × (Ωr ) (3.5)

In the work of Himmelskamp [27] an increase in lift coefficient can be found going from the tip to the hub,
combined with separation delayed to a higher angle of attack.
This approach shows to predict well the effects of rotation, and in reference [26] the main effects of the cross-
flow are presented:

1. An increase in lift beyond sectional stall

2. Delayed and increased peak of maximum lift

3. Postponed turbulent separation

4. Increased maximum lift coefficient at the blade hub

All these effects can be explained by the influence of the Coriolis force acting on the boundary layer that, com-
bined with the centrifugal force transports boundary layer material away from the hub, therefore stabilizing
the boundary layer at the hub and leading to a better cl −α behaviour.
The in-built method that RFOIL integrates inside the analysis process is based on the c/R, but as cited both in
references [26] and [25] the local solidity needs to be corrected by a factor of 2/3, since RFOIL tends to overes-
timates the effects of rotation.
In reference [25] it is also presented an engineering method that can be compared to the in-built solution, and
is based on a correction of the non viscous solution and viscous solution without rotational effects.
Below the procedure for the correction of the lift coefficient is shown. With cl ,i nv the lift coefficient given by the
non viscous solution and clnon r ot the solution from RFOIL with the rotational method suppressed, the formula
to obtain the rotational lift coefficient is:

cl ,r ot e f f = cl ,non r ot + fL(cl , i nv − cl ,non r ot )

αr ot e f f =αi nv =α
(3.6)

With fL :

fL = 1−
(
1+ c

r

)(
B e(C c

r )
)

(3.7)

With B and C obtained from two polynomials:

B = b1 +b2α+b3α
2

C = c1 + c2α+ c3α
2

(3.8)



22 3. NUMERICAL SETUP

(a) cl −α curve comparison for an inboard section (b) cl −α curve comparison for an inboard section

Figure 3.2: Comparison between cl −α curves that shows the difference between the in built method in RFOIL for rotational effects and
the engineering method, for an inboard section in 3.2a and an outboard section in 3.2b

The comparison can be seen in Figure 3.2, with the curve generated by the engineering method that slightly
underestimates the increased lift in the post stall region. The blade used for the analysis is a blade of TU Delft’s
XPROP research propeller. To obtain a more precise fit of the curve generated by Equation 3.6 the coefficients
of the polynomials needs to be tuned. Moreover, it is worth noticing how for an inboard section the effects of
the rotation are way more pronounced compared to the outboard part of the blade.
Eventually the 2-D database was defined using the in built method in RFOIL, because computationally was
slightly less expensive and faster and for the region of interests in terms of α, between −5 and 10◦ the cl values
are not so much different between the two approaches.

Figure 3.3: Velocities and forces reference frame on the blade element with induced velocities

3.1.2. EVALUATION OF SECTIONAL ANGLE OF ATTACK
After the input section, the program evaluates the aerodynamic angles with respect to the airfoil chord, as
shown in Figure 3.3. The axial and in-plane components of the velocity are derived as such:

Va(η,Ψ) =V∞ cos(αp )+ va(η,Ψ) (3.9)

Vt (η,Ψ) =Ωr (η,Ψ)− vt (η,Ψ)+V∞ sin(αp )sin(Ψ) (3.10)
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The local incidence is defined as:

φ(η,Ψ) = tan

(
Va(η,Ψ)

Vt (η,Ψ)

)
(3.11)

Hence, the local angle of attack is:

α(η,Ψ) =β(η,Ψ)−φ(η,Ψ) (3.12)

The effective velocity W is needed to evaluate the Re number:

W (η,Ψ) =
√

V 2
a (η,Ψ)+V 2

t (η,Ψ) (3.13)

Re(η,Ψ) = ρc(η)W (η,Ψ)

µ
(3.14)

3.1.3. EVALUATION OF SECTIONAL THRUST AND TORQUE

The bilinear interpolation uses the 2-D sectional data previously obtained and the Re number and the α eval-
uated in the previous section. In the following equations the values from the airfoil analysis are denoted with
the subscripts 1 and 2. Two fractions are used to determine the interpolated values, the first one involves the
Re numbers:

f r = Re −Re1

Re2 −Re1
(3.15)

It is now necessary to interpolate between the given aerodynamic coefficients, and to do so the program eval-
uates the second fraction by choosing two values of α from the given polars so that the previously calculated α

is included between the two.

f rα = α−α−

α+−α− (3.16)

The program now actually interpolates between the input data to get the correct values of cl and cd :

cl (η,Ψ) = f rα( f r c+l ,2 + (1− f r )c+l ,1)+ (1− f rα)( f r c−l ,2 + (1− f r )c−l ,1)

cd (η,Ψ) = f rα( f r c+d ,2 + (1− f r )c+d ,1)+ (1− f rα)( f r c−d ,2 + (1− f r )c−d ,1)
(3.17)

It is now possible to evaluate the sectional thrust and torque per radial element dr :

dT

dr
(η,Ψ) = 1

2
ρW 2Bc(cl cos(φ)− cd sin(φ))

dQ

dr
(η,Ψ) = 1

2
ρW 2Bcr (cl sin(φ)+ cd cos(φ))

(3.18)

3.1.4. EVALUATION OF INDUCED VELOCITIES

Now that we have the sectional thrust and torque it is possible to obtain the axial and tangential components of
the induced field. The cause of the induced velocity is explained in Subsection 2.2.1 and the method followed
by the code is based upon the conclusion given by Glauert in reference [16].
First of all, the code integrates the Prandtl loss factor in its most general form. Prandtl realized that the fluid
velocity between the vortex sheets generated by the blade, is a fraction F of the vortex sheets velocity. Prandtl
proved that this flow was similar to a 2-dimensional flow along edges of parallel plates, as depicted in Figure 3.4
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Figure 3.4: Two dimensional flow along semi-infinite plates (from [18])

The Prandtl tip loss factor used is defined by:

Ft i p = 2

π
arccos(e− ft i p ) (3.19)

With:

ft i p = B

2

D/2− r

r sin(φt )
(3.20)

withΦt = arctan
(
η tan(Φ)

)
.

The same approach can be used to estimate the loss effect due to the hub vortex:

Fhub = 2

π
arccos(e− ft i p ) (3.21)

With:

fhub = B

2

r − rhub

r sin(φt )
(3.22)

Hence the loss factor used in the program is the product of the two factors:

F = Ft i p ·Fhub (3.23)

The loss factor is then applied to the axial momentum equation in order to evaluate the induced velocity com-
ponents, which in the first step of the iteration are both set to 0. Once that the new values va and vt are
evaluated, the program checks the difference between the old and new values to see if convergence is reached.
The axial momentum equation with loss factor for each blade element is:

dT

dr
= 4πrρ(V∞ cos(αp ))2(1+a)aF (3.24)

With a = va/V∞ cos(αp ). Inverting the equation we obtain:

va(η,Ψ) =−1

2
(V∞ cos(αp ))+ 1

2

√
(V∞ cos(αp ))2 + dT /dr

πFρr
(3.25)

Same can be done for the angular momentum equation:

dQ

dr
= 4πr 3ρV∞ cos(αp )Ω(1+a)at F (3.26)

With at = vt /Ωr . The tangential induced velocity is:

vt (η,Ψ) = dQ/dr

4πFρr 2(V∞ cos(αp )+ va)
(3.27)
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3.1.5. EVALUATION OF TOTAL FORCES AND PERFORMANCE OF THE PROPELLER
After the convergence of the induced velocity, the propeller total thrust and torque are computed. With η the
radial coordinate (r /R) and Ψ the azimuthal angle, the quantities for each azimuthal position are obtained by
summing the contributions of each blade element:

Tψ =
T OTη∑
k=2

1

2

[( r

R

)
k
−

( r

R

)
k−1

]
(dT /dr )k + (dT /dr )k−1

B
R (3.28)

Qψ =
T OTη∑
k=2

1

2

[( r

R

)
k
−

( r

R

)
k−1

]
(dQ/dr )k + (dQ/dr )k−1

B
R (3.29)

While the contribution of each blade is obtained by summing each azimuthal contribution and dividing it
by the angular divisions used for the analysis. In case of uniform inflow only one azimuthal position is studied
and its load distribution is used as the solution for the whole propeller. But in case of non uniformity in the
inflow distribution, since at every Ψ location the load distribution can be different, it is necessary to average
each contributes over the whole rotation. The quantities for each blade are given by:

TB =

T OTψ∑
i=1

Tψ

T OTψ
(3.30)

QB =

T OTψ∑
i=1

Qψ

T OTψ
(3.31)

Finally the thrust and torque of the entire propeller are:

TT OT = TB ·B (3.32)

QT OT =QB ·B (3.33)

Once obtained the torque it’s possible to compute the power as:

PT OT = 2πnQT OT (3.34)

From the total thrust and torque is possible to obtain the corresponding thrust and torque coefficients:

CT = TT OT

ρn2D4 (3.35)

CQ = QT OT

ρn2D5 (3.36)

Same for the power coefficient:

CP = PT OT

ρn3D5 (3.37)

The efficiency is another important parameter useful to estimate the performance of the propeller, and is given
by

η= CT J

CP
(3.38)

3.1.6. VALIDATION OF THE PROGRAM
In Chapter 7 the comparison of the experimental and numerical results can also be seen as a way to validate the
numerical methodology used in the present work. However, another comparison with experimental data for
another propeller is presented in this subsection. The propeller used is the XPROP, of which the experimental
data have been obtained in the OJF and are presented in [28].
In Figure 3.5 it’s possible to appreciate the results of the program compared to the experimental data, in terms
of the CT , CP and efficiency η distribution. The range of advance ratio spans between 0.35 and 0.79, for an
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inflow velocity of 18 m/s.
By looking at the CT distribution it’s possible to see how the program overall overestimates the thrust of the
propeller. In particular in the high advance ratio area the discrepancy is even more pronounced. This is due
to an overestimation of the sectional lift performed by RFOIL, considering the fact that in this region the whole
blade operates at very low Reynolds, therefore the analysis is inaccurate. It’s also worth noticing how the whole
slope of the CT curve is different and this can be due to an overestimated clα for each section.
The power, on the other hand, is slight underestimated, and this is because the sectional drag is lower than the
effective value, therefore the propeller as solved by the program is more efficient, compared to the real one, for
the whole range of advance ratios.
It should be noted that the critical factor used in RFOIL is N = 4. The effects of the critical factor is discussed in
Appendix A for the F29 propeller, the one used for the interaction analysis proposed in this report.
However we can consider the evaluations performed by the program quite reasonable, and especially for the
high CT region (low advance ratio) the results are almost on top of each other.
Experimental data of the propeller in angle of attack were available, therefore it’s possible to see in Figures 3.6
and in 3.7 the comparison of CT and CP for three different αp : 0°, 15° and 30°. The increase in thrust due to the
increased angle of attack is well predicted by the program. As in the case of uniform inflow, also for αp =15° the
computed thrust coefficient is overpredicted, expecially for the higher values of J. Forαp =30° the computed CT

is on top of the experiment results. This can be explained by the fact that now the program underestimates the
effect of the reduced axial velocity that causes an increased load distribution on the propeller. However, even
the slope of both curves are more similar to each other.
Looking at the CP curves comparison, it is possible to see how for each inflow condition the power is underes-
timated by the program.
It’s important to say that for the analysis of the propeller for αp =15° and 30° is performed using the same aero-
dynamic data as in the uniform analysis. Considering this, the program is able to predict well the effects of a
non uniform inflow.

Figure 3.5: CT , CP and η comparison from the program Prop1D and experimental results for J=[0.35-0.79], V∞=18 m/s and a blade pitch
β=20°.
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Figure 3.6: Comparison of CT curves for three different propeller angle of attack values: αp = 0°, 15° and 30°.

Figure 3.7: Comparison of CP curves for three different propeller angle of attack values: αp = 0°, 15° and 30°.
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3.2. SLIPSTREAM MODEL
The slipstream model used is based on the momentum theory and the blade element theory, and is presented
in the work of Chandrasekaran [29]. This method does not provide an accurate nor time dependent model of
the slipstream but thanks to its simplicity it was easily integrated in the method.
The approach is that, given the flow characteristics at the propeller disc, it is possible to compute the evolution
along the slipstream axis of the slipstream geometry and axial and tangential velocity components. By doing
this it is possible to build a 3-D grid, where we have the quantities (induced velocity components) at any point,
and we can use them to model the non uniform inflow that impinges the rear propeller disc.
From now on the quantities related to the slipstream will be characterized by an s subscript, while the ones
related to the rear propeller by r .
At first it was necessary to define the input from the front propeller solution, as presented in Subsection 3.2.1.
Thereafter, the computation of the axial and tangential velocity distribution along the slipstream are shown in
Subsections 3.2.2 and 3.2.3. Finally, the last step to define the non uniform inflow at the rear propeller position
is described in Subsection 3.2.4

3.2.1. INPUT FROM THE FRONT PROPELLER SOLUTION

From the front propeller solution, we have the axial and tangential velocity evaluated as in Equations 3.25 and
3.27. These values are computed taking into account the loss factor F , because they are used in a convergence
loop that iteratively changes the angle of attack on the blade section, therefore leading the solution to the
correct load distribution on the blade element and finally on the whole propeller.
However, the distribution of these velocities along the radius does not correspond to a "physically correct"
induced velocity distribution that is present behind a propeller. And this is because we are applying a correction
(F ) when we apply the momentum equation to obtain the effects on the flow due to the momentum imparted
by the propeller load distribution.
Therefore, to obtain the "physical" distribution of induced velocity we need the following relations, given the
load per blade element obtained after the convergence:

va,s =−1

2
(V∞ cos(αp ))+ 1

2

√
(V∞ cos(αp ))2 + dT /dr

πρr
(3.39)

vt ,s = dQ/dr

4πρr 2(V∞ cos(αp )+ va)
(3.40)

Figure 3.8: Induced axial and tangential components of the velocity (normalized with the freestream velocity) with and without loss factor.

In Figure 3.8 the two radial distributions of induced velocity are compared, in terms of factors a and a′
t =

vt /V∞, both for the axial and tangential component. It’s possible to see clearly how the induced velocity used
in the convergence loop due to the loss factor applied both at the hub and tip region is higher than the quantity
obtained by Equations 3.39 and 3.40. The situation at the tip is dramatic, with the velocity that not only is not
going to zero (as the load on the blade) but it’s even experiencing a rising behaviour.
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3.2.2. EVALUATION OF THE AXIAL INDUCED VELOCITY
The method incorporates two theories for calculating the axial induced velocity: vortex ring modelling and
blade element theory (in reference [29] it’s called Blade Performance Theory).

VORTEX RING MODELLING

The vortex system for this part of the method is based on the principle that along the blade a bound vortex is
present. At the root and at the tip two free vortices are carried downwind by the flow that invests the propeller.
As shown in Subsection 2.2.1 the vortex system behind the propeller can be simplified by considering separately
the axial and tangential vorticity. Since the axial vorticity has no effects on the axial direction of the flow, the
tangential component can be represented as a stack of vortex rings, spaced so closely that they are equivalent
to a continuous cylinder of vorticity.
The strength of the vorticity is determined by the load on the propeller and its operating condition. It is now
assumed that the axial induced velocity does not change with the radius, and its value at the center of the
propeller disc is given by the following relations, taken from Ref. [29].

v I ,c = 1

2
C 1

T VT
Ae f f(

µ2 +λ2
) 1

2

(3.41)

C 1
T = 4

π3 CT

λ= (V∞+ v I )

Vt i p

µ= V∞
Vt i p

Ae f f =
1

1−R2
hub

where v I ,c is the induced velocity at the center of the propeller, Vt i p =ΩRp is the tip velocity of the blade
and CT is the thrust coefficient of the propeller.
Equation 3.41 is a nonlinear equation and it’s solved iteratively with its initial value obtained from

v0
I ,c =

1

2

(
−V∞+

√
(V∞ cos(αp ))2 + 2T

ρA0

)
(3.42)

where T is the thrust of the propeller and A0 is the whole area of the propeller disc. V 0
I ,c is substituted in the

definition of λ and Equation 3.41 is iterated until convergence.
The variation of the axial induced velocity with the axial position is given by

v I (ζ) = v I ,c

1+ ζ√
1+ (ζ)2

 (3.43)

We are able to obtain the external radius of the slipstream at any point behind the slipstream by satisfying the
continuity relation:

ρπR2
p (V∞+ v I ,c ) = ρπr 2(ζ)(V∞+ v I (ζ))

r (ζ) = Rp

√ (
V∞+ v I ,c

)
(V∞+ v I (ζ))

(3.44)

BLADE ELEMENT THEORY

By referring to Figure 3.9 the radius variation computed with Equation 3.44 represents the contraction of the
slipstream. The next step is to consider the induced velocity distribution on the propeller disc as it was de-
termined by the BEM, we can imagine that a streamline is shed by each blade element, therefore the radial
distance of the element Rs is the starting radius of the streamline. By referring to the external slipstream radius
as Rl oc , Rs,loc is defined by

Rs,loc (ζ) = Rloc (ζ)

Rp
Rs
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Figure 3.9: Schematic representation of the contraction for each streamline (derived from [29]

Therefore, we are assuming that each slipstream has the same contraction ratio of the slipstream. This is
not necessarily a strong assumption, but has the disadvantage to not predict well the contraction of the internal
boundary of the slipstream, at the hub location.
The variation of the axial induced velocity for each streamline is

va,s (η,Ψ,ζ) = va,s (η,Ψ,0)

1+ ζ√
1+ (ζ)2

 (3.45)

3.2.3. EVALUATION OF THE TANGENTIAL INDUCED VELOCITY

It can be demonstrated that inn the slipstream of the propeller, the circulationΓ remains constant, as presented
in Ref. [30]. Due to the contraction, the radius of the slipstream decreases, and according to the conservation of
the circulation, the tangential velocity increases. This is true for each control volume defined by the streamline
of each blade station. The conservation of the circulation is given by:

2πRs (η,Ψ,0)2vt ,s (η,Ψ,0)F = 2πRs (η,Ψ,ζ)vt ,s (η,Ψ,ζ)Fs (3.46)

F is the tip loss factor at the propeller, while Fs is the loss factor in the slipstream, assumed to be unity.
vt ,s (η,Ψ,0) is the tangential velocity in the propeller plane. As shown in Subsection 2.2.1 the tangential com-
ponent right behind the propeller is twice its value at the propeller disc. Therefore by inverting Equation 3.46
we obtain

vt ,s (η,Ψ,ζ) = 2vt ,s (η,ζ)F
Rs (η,Ψ,0)

Rs (η,Ψ,ζ)
(3.47)

The swirl angle is evaluated from the following expression:

Θsw = arctan

[
2vt ,s

V∞+ va,s

]
(3.48)

3.2.4. DEFINING THE INPUT FOR THE REAR PROPELLER

In Figure 3.10 the solution provided by the model is briefly presented. The quantities shown are the slipstream
ratio of contraction and the variation of axial and tangential induced factors a = va/V∞ and a′

t = vt /V∞, nor-
malized with the freestream velocity, for two different rotational speeds of the propeller, and it’s possible to
appreciate how the load on the propeller changes drastically how the slipstreams behaves.
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(a) Slipstream quantities variation for J = 0.6249 and CT = 0.0836 (b) Slipstream quantities variation for J = 0.3977 and CT = 0.1698

Figure 3.10: Slipstream contraction and variation of the mean axial and tangential induced factors for a lightly loaded propeller and a
heavy loaded one

For a lightly loaded propeller (figure 3.10a) the slipstream radius when fully developed is 5% less than the
propeller radius, while for a much heavily loaded propeller (figure 3.10b) the contraction is more than the 10%
of the propeller radius.
The axial induced velocity behaviour agrees well with the theory, in fact for both cases reaches a value that is
more or less twice the one at the propeller location. Obviously we can also appreciate how for an higly loaded
propeller in the far wake the ratio of induced axial velocity and freestream velocity is almost equal to 1, because
of the greater circulation due to the heavier aerodynamic load.
As expected, the tangential velocity variation is not that relevant and it stays more or less constant.
It’s worth to mention how in this model the contraction region is limited to a region that goes from the propeller
disc to ζ ≈ 2, this means that at a distance of one propeller diameter the slipstream can be considered fully
developed.
At this point we are able to know the distribution of the velocity at any desirable position behind the propeller.
The approach followed in this part consists in a superimposition of the velocity field from the slipstream to
the rear propeller disc. In practice this is done through a bilinear interpolation of two polar grids, where the
values of the one relative to the slipstream section are interpolated over the propeller grid. A schematization
of the two polar grids is shown in Figure 3.11, where the points of each grid are defined by two different polar
coordinate systems.
The function griddata of Matlab, used for the interpolation, treats the points of the first grid as scattered data
and returns the interpolated values over the propeller grid, defined as the query points.
The superimposition of the induced velocity does not require any particular adjustment, because its direction
is parallel to the x axis, which is common for both reference systems.

Figure 3.11: The slipstream grid (in red) and the propeller grid (in black).

The tangential component, on the other hand, requires to be adapted since its value it’s relative to the polar
coordinate system of the slipstream grid. Therefore, a transformation from polar to cartesian coordinate is
performed as shown in Figure 3.12, and the two components vy,s and vz,s are given by the following relations:
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vy,s = vt ,s cos(Ψ)

vz,s =−vt ,s sin(Ψ)
(3.49)

Figure 3.12: Cartesian components of the slipstream tangential
velocity

Finally we can associate to each point of the polar grid, relative to the rear propeller, the values of va,s , vy,s and
vz,s and in the following section the analysis is presented.

3.3. REAR PROPELLER SETUP
The body of the code that solves the rear propeller is the same used for the front one, modified in order to eval-
uate the non-uniform inflow, i.e. the axial and in-plane components of the slipstream velocity.
Due to the non-uniform inflow the blade, when passing through the impingement area, experiences an un-
steady flow that results in unsteady loads on the blade. The effects of this time-varying inflow seen by the
rotating blade are going to be studied as following:

1. Quasi steady solution of the propeller
The solution is computed by assuming that each azimuthal section is representative of the whole pro-
peller, as the front propeller is solved as shown in Section 5.2.

2. Unsteady solution of the propeller
The results obtained by the quasi steady solution are used as input for an unsteady solution, based on
the work of Sears’ 1D unsteady theory, is adopted. The approach is described in references [31] and [32],
while in [33] it’s applied to a case of interaction between a propeller and a pylon’s wake.

3.3.1. QUASI STEADY ANALYSIS
The quasi steady solution follows the same steps presented in Section 5.2, therefore the slipstream velocity
components va,s , vx,s and vy,s are used appropriately in the solution of each blade element. Once that each
element of the blade is solved for an azimuthal position, the program switches to the nextΨ and the procedure
is repeated.
It’s important to mention that since this is a quasi steady solution, its main assumption is that each blade ele-
ment, when analyzed, becomes representative of the whole propeller, therefore its local inflow it’s assumed to
be the total inflow that invests the propeller.
As said before, the general solution is still valid and already presented extensively. However, it is now necessary
to incorporate the slipstream velocity.
In order to handle properly the in-plane component, it’s necessary a second transformation of the values pre-
sented in Equation 3.49 from the cartesian plane to the polar coordinate system of the propeller.
Assuming that the radial component has no effects, the new tangential velocity that invests the rear propeller
disc is given by:

vt ,s (η,Ψ) = vy,s (η,Ψ)cos(Ψ)− vz,s (η,Ψ)sin(Ψ) (3.50)

Therefore the new axial and in plane velocities1 that are used to evaluate the angle of attack are:

Va,r (η,Ψ) =V∞+ va,r (η,Ψ)+ va,s (η,Ψ) (3.51)

Vt ,r (η,Ψ) =Ωr (η,Ψ)− vt ,r (η,Ψ)+V∞− vt ,s (η,Ψ) (3.52)

1αp = 0◦
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By knowing the two components of the velocity we obtain the local incidence and subsequently the local
αr (η,Ψ)

αr (η,Ψ) =β(η,Ψ)−φ(η,Ψ) (3.53)

With

φ(η,Ψ) = tan

(
Vax,r (η, Psi )

Vt an,r (η,Ψ)

)
The program then performs the bilinear interpolation described in Subsection 3.1.3, obtaining the local cl ,QS

and cd ,QS , used for the evaluation of the sectional contributes to the thrust, normal force and torque of the
blade element.
As the output of the quasi steady analysis we have the radial and azimuthal distribution of every aerodynamic
and performance quantities.
At this point we can proceed with the unsteady analysis.

3.3.2. UNSTEADY ANALYSIS
The unsteady analysis used in the present work to compute the change in blade loads due to the variation of
the angle of attack in the slipstream impingement region is based on the Sears’ method, described in references
[31] and [32]. Once that the results in terms of lift coefficients are evaluated, they are integrated with the results
obtained from the quasi steady solution in order to obtain the final response. Only the lift is considered, while
the drag coefficients used in the final computation are the one evaluated from the quasi steady analysis.
Due to the peculiarity of this interaction, some modification have been applied but the fundamental core of
the method is unchanged.

COMPUTATION OF THE ANGLE OF ATTACK VARIATION

The main input for this method is going to be the periodic distribution of angle of attack αr (η,Ψ) that a blade
element sees along the rotation. In order to obtain the blade response only due to the variation the periodic
distribution of angle of attack is subtracted by its mean.
Since the computation of the unsteady response is done in the frequency domain, it’s necessary to express the
variation of αr (η,Ψ) as a complex Fourier series:

αr (η,Ψ) =
∞∑

k=−∞
αr,k (η)e i kΨ (3.54)

with k the harmonic order and αr,k the Fourier coefficients, given by:

αr,k (η) = 1

2π

∫2π

0
αr (η,Ψ)e−i kΨdΨ (3.55)

The Fourier coefficients are the input for the actual computation of the unsteady load as discussed next.

COMPUTATION OF THE BLADE RESPONSE

For each radial segment, the effect of the variation of the angle of attack due to the slipstream impingement is
computed. The Fourier coefficients of the blade response, or better the harmonics of the unsteady lift coeffi-
cient are defined by:

∆cl ,k (η) = 2παr,k (η)S (3.56)

With S the Sears function. The incompressible form of the Sears function, as in reference [31]:

S(σ) = [J0(σ)− i J1(σ)]C (σ)+ i J1(σ) = J0(σ)K1(σ)+ i J1(σ)K0(σ)

K1(iσ)+K0(iσ)
(3.57)

with C the Theodorsen’s function, J0 and J1 the zeroth- and first-order Bessel functions of the first kind, K0 and
K1 the modified zeroth- and first-order Bessel function of the second kind and σ the reduced frequency:

σ= kΩc

2WQS
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Due to the rotation of the propeller the local effective Mach numbers in the outboard region are typically close
to values for which the compressibility effects become relevant. Therefore, the Sears function with a correction
for compressibility is given by:

S(σ, M) = SM=0
(
σ/βcompr

)
βcompr

{
J0

(
M 2σ

β2
compr

)
+ i J1

(
M 2σ

β2
compr

)}
e

iσ f M

β2
compr (3.58)

with M = WQS /a∞ the effective Mach number, βcompr the Prandtl-Glauert compressibility factor and f a cor-
rective factor defined by:

f (M) = (1−βcompr ) ln(M)+βcompr ln(1+βcompr )− ln2 (3.59)

In Figure 3.13 we can see the Sears function in the complex plane and how it depends on the reduced frequency.
The Sears function spirals around the origin, with the amplitude decreasing with increasing reduced frequency.
For values of reduced frequency the phase shift φ can be either positive or negative, therefore resulting in an
anticipated or delayed blade response to the disturbance, compared with the quasi steady solution.
With the coefficient of the unsteady lift coefficient we can now compute the local unsteady lift:

∆cl (η,Ψ) =
∞∑

k=−∞
∆cl ,k (η)e i kΨ (3.60)

Figure 3.13: Vector diagram of the Sears function in the complex plane ([31])

UNSTEADY PROPELLER LOAD

From this point, we can integrate the unsteady lift coefficient just obtained in two ways:

1. The final lift coefficient used is exactly the one evaluated by the Sears method, therefore:

cl ,U N S (η,Ψ) =∆cl (η,Ψ)+avg
(
cl ,QS (η)

)
(3.61)

It’s necessary to add the mean value of the quasi steady periodic variation of the lift coefficient since the
input distribution of αr used was obtained by subtracting its mean value.

2. A second approach that could be adopted is the one where from the unsteady lift coefficients obtained
previously we derive only the "variational" part of it, basically only taking into account the value of the
Sears function:

∆c ′l (η,Ψ) =∆cl (η,Ψ)−2παr (η,Ψ) (3.62)

thus, the final lift coefficient is obtained by adding this "variational" component to the quasi steady lift
coefficient:

cl ,U N S (η,Ψ) =∆c ′l (η,Ψ)+ cl ,QS (η) (3.63)

The differences between the two methods are shown later in the numerical results chapter. Whatever the
method, the cl ,U N S distribution is now used in a third instance of the code Prop1D. The convergence part is
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skipped and the new cl ,U N S , along with the previously obtained cd ,QS are imposed to find the new distribution
of thrust, normal force and torque.
The unsteady thrust and torque that the blade experience in each azimuthal position are given by:

Tψ,U N S =
T OTη∑
k=2

1

2

[( r

R

)
k
−

( r

R

)
k−1

]
(dT /dr )k,U N S + (dT /dr )k−1,U N S

B
R (3.64)

Qψ,U N S =
T OTη∑
k=2

1

2

[( r

R

)
k
−

( r

R

)
k−1

]
(dQ/dr )k,U N S + (dQ/dr )k−1,U N S

B
R (3.65)

Therefore we can now obtain the quantities for each blade by

TB ,U N S =

T OTψ∑
i=1

Tψ,U N S

T OTψ
(3.66)

QB ,U N S =

T OTψ∑
i=1

Qψ,U N S

T OTψ
(3.67)

And finally the total quantities, by multiplying for the number of blades

TT OT,U N S = TB ,U N S ·B (3.68)

QT OT,U N S =QB ,U N S ·B (3.69)

At last, the performance coefficients are evaluated as follow

CT,U N S = TT OT,U N S

ρn2D4 (3.70)

CQ,U N S = QT OT,U N S

ρn2D5 (3.71)

CP,U N S = PT OT,U N S

ρn3D5 (3.72)

ηU N S = CT,U N S J

CP,U N S
(3.73)





4
EXPERIMENTAL SETUP

The following Chapter discusses the characteristics of the experimental approach used in this study. An overview
of the experimental campaign is presented in Section 4.1. The Wind Tunnel Facility is described in Section 4.2,
while in Section 4.3 the models used for the experiments are presented. Different measurement techniques
have been used to obtain useful data, and these techniques are shown in Section 4.4. Finally the test parame-
ters and variables are discussed in Section 4.5.

4.1. TEST CAMPAIGN OVERVIEW
The experimental setup presented in this chapter was part of an experimental campaign aimed to study the
interactions between propellers. In Figure 4.1 an overview of the main elements of the test campaign is pre-
sented.

Figure 4.1: Overview of the main elements of the wind tunnel test campaign

The configuration presented here is made by a front propeller in a pusher configuration, whose slipstream
impinges the rear propeller. At first, the rear propeller in isolated configuration was the subject of preliminary
measurements. The performance were measured by using an internal Static 6-component balance. Subse-
quently the front propeller slipstream velocity field was studied. Finally, both propellers are put together in
the test section and the effects of the interaction on the rear propeller were measured. Two different distances
between the propellers were studied, a "close" case and a "far" case, corresponding to dx = 0.6 and dx = 5.5
(geometry schematized in Figure 2.8).
The isolated propeller measurements served not only as a reference model in order to compare the interaction
effect with an isolated configuration, but also to test the effectiveness of the sensor used. A large range of rota-
tional speeds were considered.
The measurements of the slipstream field was performed by using a total pressure probe. The purpose of these
measurements is not only to understand the magnitude of the velocity in the slipstream that impinges the rear
propeller, but also, since the front propeller is in a pusher configuration and its inflow is disturbed by the pres-
ence of the structural pylon, covered with an airfoil shaped fairing, it is useful to understand the effects on the
generation of the slipstream. The slipstream analysis was made by moving the probe behind the propeller and
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taking the measurements at each step of the sweep.
Finally, both propellers have been mounted and operated together. In both cases, "far" and "close, the rear
propeller loads were measured for a set of dy values, in order to understand how the level of overlap affects the
results. For each dy value, the front propeller was set at a fixed rotational speed (therefore a fixed load) while,
for the rear one, an appropriate range of rotational speed was chosen.

4.2. WIND TUNNEL FACILITY

The experiments were performed in Delft University of Technology’s Open Jet Facility (OJF). OJF is a closed
circuit wind tunnel with an open test section and an equivalent exit jet diameter of 3.1 m with a maximum wind
velocity of 30 m/s. The available test section is 6.0 m wide, an height of 6.5 m and a length of 13.5 m. In order
to provide a flow as much laminar as possible and to reduce the flow’s turbulence level, the settling chamber
is equipped with a honeycomb rectifier grid and five screens. This results in velocity deviations smaller than
0.5% in the vertical plane at two meters from the outlet, with a longitudinal turbulence intensity level lower
than 0.24%. The entire tunnel is covered with perforated plates installed on mineral wood and sound absorbing
foam, in order to reduce noise levels. In Figure 4.2 a cutaway drawing of the OJF is depicted.

Figure 4.2: A representation of the circuit of the Delft University of Technology’s Open Jet Facility (OJF). From [34]

4.3. WIND TUNNEL MODELS

The experimental setup for the interaction study involved two propellers supported on two pylons, both fixed
on two horizontal beams mounted on the testing table. The position of the rear propeller was determined by
fixing the beams on the test table, while the dy , defined as the lateral separation of the two propellers’ axis, can
be chosen by sliding the model over the two beams. In Figures 4.4 and 4.5 the two configurations are depicted,
respectively for the far and close case.
The propeller used on both models was made by Fokker during the development of the conceptual Fokker F-29.
The model have a diameter of 0.304 m and are equipped with four blades, that can be removed independently.
The blade angle at 70% of the blade span is set to 20◦ for both propellers, in order to achieve the same desired
thrust in isolated configuration. In Figure 4.3 the chord and blade pitch angle distribution for the F29 propeller
blade used in the experimental test and numerical analysis are presented.
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Figure 4.3: Blade pitch angle β and chord distribution for the F29 propeller blade.

The front propeller is in a pusher configuration, and this means that the nacelle is upstream and the whole
structure is being pushed by the propeller. The propeller is driven by a Lehner LMT 3080, an electric motor
powered by a TDK-Lambda Genesys power supply which has a rated power of 5kW. The motor is controlled
by the electronic speed controller MGM HBC series TMM 25063. Through a custom Labview control software
the DC voltage of the power supply can be controlled, converted into a 3 phase alternating voltage seen by the
motor, in order to select the desired rps. The software is characterized by a closed loop control on the rps value,
in order to adjust properly the input voltage and avoid undesired fluctuations of the voltage itself. It is also
possible to control the direction of the rotation, and this propeller, as the rear one, are right-handed propellers
(anti-clockwise direction).
The pusher configuration is chosen so that the slipstream shed by the propeller is as much undisturbed as
possible, however the front propeller inflow itself is disturbed not only by the presence of the nacelle, where
the electric motor is stored, but also by the supporting pylon. An airfoil shaped frame is installed on the pylon
to reduce the impact of the body. The airfoil used is a NACA 654 −021, which has a large maximum thickness
located at the correct chordwise location for the pylon, and the leading edge close to the front of the nacelle to
prevent horseshoe vortex.
The back spinner of the model was chosen after a topological study aimed to obtain the lowest drag possible.
The reference geometry is a Myring Cubic (ESDU 77028 afterbody 9) with variable L/D and τ0, which have been
selected equal to L/D = 1.625 and τ0 = 10◦.
In the rear model, the propeller is mounted in front of the nacelle. The propeller is driven by the same type of
motor as the front one, but it features a customized longer shaft, necessary to fit the sensor used to measure
the forces and torques acting on the propeller. The sensor used is an ATI-IA Mini45 Titanium.
So, except for the sensor and the propeller mounted in a tractor configuration, the rear model has the same
features of the front one.
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Figure 4.4: Photograph of the models in the far case configuration inside the OJF

Figure 4.5: Photograph of the models in the close case configuration inside the OJF
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4.4. MEASUREMENT TECHNIQUES
Several different measurement techniques were employed to obtain quantitative data from the wind tunnel
experiments. The propeller performance, both for the isolated case and the interaction case, were measured
using the balance sensor, described in Subsection 4.4.1. The wake of the front propeller was measured by using
a total pressure probe, as described in Subsection 4.4.2.

4.4.1. PROPELLER PERFORMANCE MEASUREMENTS
The six-axis force and torque sensor ATI-IA Mini45 Titanium was used to measure the forces and moments
acting on the propeller. Developed by the ATI Industrial Automation, the sensor is basically a short cylinder
made of two parts. The front part is fixed to the nacelle and the rear part is fixed to the motor. In this way,
all the forces and moments on the motors are measured through the shaft. In Figure 4.6 the balance used is
depicted.

Figure 4.6: Photograph of the ATI-IA Mini45 Titanium balance sensor

A SI-240-12 calibration was performed by the manufacturer and in Table 4.1 and 4.2 the calibrated ranges
of forces and torques are presented, along with the measurement uncertainty. The uncertainty is defined as
the maximum amount of error for each axis expressed as a percentage of its full-scale load.

Fx Fy Fz Tx Ty Tz

480 N 240 N 240 N 12 Nm 12 Nm 12 Nm

Table 4.1: Calibrated range for the balance used in the wind tunnel test.

Fx Fy Fz Tx Ty Tz

1.75 % 1.75 % 1.75 % 1.75 % 1.75 % 1.75 %

Table 4.2: Maximum measurements uncertainty on each axis for the balance used in the wind tunnel test.

The measurement were performed at a sampling frequency of 10 kHz and a measurement time of ten sec-
onds. Before each measurement, in order to obtain the actual response due to the propeller forces, it is nec-
essary to subtract the offset present in the balance when the propeller is not rotating. The two ’zero measure-
ments’ are performed before the first useful measurements of the run and after the last one. The sensor returns
analog output voltages from the six channels corresponding to the forces/moments on the propellers. The sig-
nal from the sensor is acquired by two 24 bit National Instruments acquisition cards. The actual forces and
moments were computed using a calibration matrix, presented in Appendix B.

4.4.2. TOTAL PRESSURE MEASUREMENTS
The reason behind the measurement of the total pressure in the front propeller slipstream is threefold. At first,
since the front propeller was not equipped with a balance sensor, it was necessary to verify that its thrust, for the
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same rps and inflow condition, was equal to the rear one. Secondly, an investigation of how the body (airfoil-
shaped frame) affects the overall behaviour of the slipstream was necessary. Finally, these measurements are
important to verify the velocity distribution inside the slipstream. To perform the measurement, the probe was
mounted on a thin pylon, attached to a traversing system.
The pitot probe was connected to a Mensor DPG 2400 pressure sensor. Its range of measurements is between
-1000 and 3500 Pa, with an accuracy of 0.03%. A photograph in Figure 4.7 depicts the setup used in the wind
tunnel testing to measure the total pressure right behind the front propeller.

Figure 4.7: Photograph of the setup adopted to measure the total pressure of the front propeller slipstream

4.5. TEST CONDITIONS AND PARAMETERS
Several different parameters define the operating conditions of this experimental setup. A part from the atmo-
spheric conditions, defined by atmospheric pressure p∞ and density ρ∞, the user can control directly other
conditions such as the freestream velocity V∞, the rotational speed of both propellers n f and nr and the axial
and lateral separation between the propeller, namely defined as dx and dy .
The aim of the entire work is to understand the effects of a propeller slipstream ingestion by another propeller,
in a cruise configuration. Therefore, a freestream velocity of V∞ = 20 m/s, which was the best trade-off between
an high freestream velocity and a stable behaviour of the wind tunnel. Moreover, for values of freestream veloc-
ity of 25 m/s and more, the thrust developed by the propeller was quite a bit lower. Since this campaign aimed
to be representative of a cruise condition, both models were set with an angle of attack αp equal to 0 degrees.
Since the freestream velocity has been fixed, and since both propellers have the diameter, the variation in ro-
tational speed can be represented by the variation of advance ratio, since it is a more effective way to represent
the propeller load. The other two factors are the lateral and axial separation. The values of these parameters
were chosen based on the following criteria:

• Advance ratio: In order to understand the effect of the front propeller load on the interaction effects, two
values of advance ratio were chosen, one representative of a moderately high loading, J = 0.49, corre-
sponding to a rotational speed n f of 135 rps, and a slightly higher advance ratio but still relevant in terms
of thrust, equal to J = 0.57, corresponding to n f =115 rps.
Chosen these values for the front propeller, it is necessary to define the range of advance ratio for the rear
propeller. For the isolated configuration, a broad range was chosen, between J = 0.4 and J = 0.77. How-
ever, since in the slipstream the induced axial velocity component can be of the order of the freestream
velocity, it is necessary to choose the range of advance ratio so that the rear propeller was still in a pos-
itive torque situation. Therefore, the range is different for each value of lateral separation, because it
determine how much the propeller is affected by the accelerated inflow. Anyhow, the minimum value of
advance ratio is the same for each dy selected and equal to J = 0.4.
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• Axial separation dx : To understand how the distance between the two propeller disks influences the
effects of the interaction, two value of axial separation have been chosen. By looking at the most common
early concepts of eVTOL vehicles, as the ones presented in the Chapter 1, it is possible to notice how the
general distance between the front and rear rows of propellers is in the order of 4-6 propeller radius. The
representative value of dy chosen to study this configuration is dx = 5.5 propeller radius. on the other
hand, the other dx value was chosen to be representative of a "close" overlap situation, therefore an axial
separation of 0.6 propeller radius was selected.

• Lateral separation dy : For the far case, a broad range of dy values was chosen. In fact, by controlling the
lateral separation we can appreciate how the overlapping area influences the effects of the impingement.
Therefore, the range of lateral separation for the far case varies between dy = 0 and dy = 3. In the close
case, since the two propellers are very close to each other, it was not possible to go through the whole
range adopted in the previous case. So, a more limited range was chosen, between dy = 1.28 and dy = 3,
and a further dy position was added, equal to dy = 1.75.

The operating condition discussed are summarized in Table 4.3.

Variables Values far case Values close case
Freestream velocity V∞ [m/s] [20] [20]

Advance ratio front propeller J f [0.49, 0.57] [0.49, 0.57]
Advance ratio rear propeller Jr [0.4 - depends on dy ] [0.4, depends on dy ]

Rotational speed front propeller n f [135, 115] [135, 115]
Rotational speed rear propeller nr [165 - depends on dy ] [165, depends on dy ]

Axial separation dx [5.5] [0.6]

Lateral separation dy
[0, 0.25, 0.375, 0.5, 0.625,

0.75, 0.875, 1, 1.25, 1.5, 2, 3]
[1.28, 1.5, 1.75, 2, 3]

Table 4.3: Overview of the test conditions
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5
NUMERICAL RESULTS

In this chapter the results from the numerical studies of the isolated propeller are presented. In Section 5.1
the operating condition and an overview of the analysis is shown. The performances of the front propeller
are discussed in Section 5.2, and in Section 5.3 the slipstream model results are shown. Thereafter, the results
obtained for the rear propeller are treated in Section 5.4, in which the effects of the slipstream impingement
are discussed.

5.1. ANALYSIS OVERVIEW
Using the methodology described in Chapter 3, the performance of both propellers is computed. The geometry
used for the propeller is the same as for the wind tunnel testing, described in Chapter 4. The front propeller
rotational speed used are 115 and 135 rps, and the freestream velocity used is 20 m/s.
At first, the 2D analysis of the blade sectional airfoil is performed by using RFOIL, with the rotational effects
enabled. For each section two polars are obtained, so that the program is able to interpolate in order to get the
correct lift and drag coefficients. Once the database is obtained, the first instance of Prop1D evaluates the solu-
tion of the front propeller, in terms of performance and components of the induced velocity in the slipstream.
The slipstream model is now used to compute the contraction and the evolution of axial and tangential com-
ponents of the induced velocity. The outputs of the model are stored and can be used as an input for the second
instance of Prop1D, relative to the rear propeller.
All the setup parameters are the same as in the experiments, therefore two main cases have been analyzed,
one for dx = 0.6 and the other one for dx = 5.5. For each condition, the relative range of dy is studied. The
solution of the propeller loading is done by performing at first a quasi-steady analysis, from which we obtain
the periodic distribution of angle of attack that each blade sections sees through the revolution, followed by an
unsteady analysis using the Sears method. The lift coefficient distribution obtained by the unsteady analysis is
then used to derive the performance of the rear propeller, and the effects of the interaction are shown.

5.2. ISOLATED PROPELLER PERFORMANCE
The front propeller solution is performed by assuming that it can be considered as in an isolated configura-
tion. The performance of the propeller in terms of CT , CP and efficiency η is shown in Figure 5.1. The range
of advance ratio used is the same as the one used during the experimental testing at the OJF, from J = 0.398 to
J = 0.772, with an inflow velocity of 20 m/s. The 2D aerodynamic data supplied to the program are obtained
with the methodology described in Subsection 3.1.1, with a value of N = 4 and free transition on suction and
pressure side.
The results proposed in this Section, other than being representative of the front propeller, are also relative to
the isolated reference case used to estimate the effects of the interference in the following parts of this Chapter.
We can see that the behaviour of the thrust coefficient is almost linear for the whole range of advance ratios.
By looking at the radial angle of attack for different J in Figure 5.2a, we can see how, decreasing the advance
ratio, an increase in the overall distribution of α is observed. The maximum value of α is located at η between
0.4−0.5, however in the lift coefficient distribution the maximum lift is located slightly more inboard, as shown
in 5.2b. Increasing the rotational speed, the averaged lift is of course higher and its maximum value shifts even
more towards lower values of radial distance.
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By looking at Figure 5.1, it can be observed how the power coefficient distribution is slightly less linear com-
pared to the thrust coefficient, while by looking at the efficiency distribution its maximum value is around
η= 0.75, for an advance ratio of J = 0.68.
In the cl distribution (Figure 5.2b) it is possible to get an idea of how the load on the blade is distributed, even
though the induced axial velocity distribution is even more representative. In Figure 5.3a we can appreciate
how the maximum of its value shifts from η ≈ 0.5 for the highest J , to η = 0.6 for the higher load studied. The
tangential velocity distribution follows quite well the lift coefficient distribution, and also its maximum value
slightly shifts toward the inboard sections of the blade, as can be seen in Figure 5.3b.

Figure 5.1: Isolated propeller performance: CT , CP and efficiency η evaluated through the numerical code Prop1D. Freestream velocity
V∞ = 20 m/s

(a) Local angle of attack radial distribution (b) Lift coefficient radial distribution

Figure 5.2: Local angle of attack α and lift coefficient cl radial distribution for V∞ = 20 m/s and J = [0.398−0.772]
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(a) Axial induced velocity distributions (b) Tangential induced velocity distributions

Figure 5.3: Axial and tangential velocity radial distribution for V∞ = 20 m/s and J = [0.398−0.772]

5.3. SLIPSTREAM MODEL RESULTS
The analytical model of the slipstream is now applied for the two front propeller rotational speed values used
in the experimental test. So, the results obtained from the front propeller analysis corresponding to the two
values of rps, 115 and 135, are used. The values of rps correspond to advance ratios of, respectively, J = 0.57
and J = 0.49. In particular, the axial and tangential induced velocity averaged distributions at the propeller disc
are the input for the model, that is capable to obtain the restriction of the slipstream radius and the increase in
tangential and axial component.
In this model, the slipstream is built as a 3D quasi cylindrical grid, as depicted in Figure 5.4. At any point
downstream ζ it is possible to know the induced velocity components distribution.

Figure 5.4: Numerical model of the slipstream grid

By looking at Figures 5.5a and 5.5b it is possible to appreciate the behaviour of the axial component of the
velocity in the slipstream. The results are presented through the distributions of induced factors a and a′

t We
can see how the contraction and the magnitude of the velocity depends on two factors: the load of the propeller
and the position downstream.
In the case of n f = 115 rps the contraction at dx = 0.6 is already equal to 3% of the propeller radius, and reaches
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the 5% at dx = 5.5. The maximum value of a, located at η' 0.55, from the close to the far case sees an increase
of 30%. Looking now at the case of n f = 135 rps, the contraction is more important already for dx = 0.6, equal
to the 8% of the propeller radius, that goes up to the 13% for dx = 5.5. However, even in this case the maximum
value of a increases from ∼ 0.6 to ∼ 0.78, meaning an increase of the 30%, close to the lower load case.
Therefore, it is possible to appreciate how the contraction is not negligible for both load levels and both axial
distances. It should be noted, however, that the behaviour at the internal boundary of the slipstream is not
well developed. Therefore, when the bilinear interpolation with the rear propeller grid, the internal region of
the slipstream is filled with the computed velocity values found at the most inboard station, where a solution
is present.
In Figures 5.6a and 5.6b the tangential component of the velocity in the slipstream is presented for the two dx

cases and the two n f .
It is possible to appreciate how the change along the slipstream axis of the tangential velocity, for both cases, is
almost negligible, except for the contraction effects, that slightly shifts the maximum value of the distribution.

(a) Induced axial velocity radial distribution in the slipstream for n f = 115 (b) Induced axial velocity radial distribution in the slipstream for n f = 135

Figure 5.5: Induced axial velocity radial distribution in the slipstream for n f = 115 and n f = 135 and V∞ = 20 m/s

(a) Induced tangential velocity radial distribution in the slipstream for
n f = 115

(b) Induced tangential velocity radial distribution in the slipstream for
n f = 135

Figure 5.6: Induced tangential velocity radial distribution in the slipstream for n f = 115 and n f = 135 and V∞ = 20 m/s

5.4. REAR PROPELLER PERFORMANCE: INTERACTION EFFECTS

5.4.1. PROPELLER INFLOW
The propeller inflow is determined by the superimposition of the slipstream velocity field over the rear pro-
peller inflow. This Subsection focuses on the velocity inflow in terms of the slipstream axial and tangen-
tial velocity components. For simplicity the results presented here are relative to the far case (dx = 5.5) and
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n f = nr = 135 rps, since the substantial results are similar. However, it is interesting to see the differences in
what the blade sees for two lateral separations values, dy = 1.25 (Figure 5.7a) and dy = 0.5 (Figure 5.7b).

(a) Schematization of the overlap of the two propeller’s grids, for dy = 1.25 (b) Schematization of the overlap of the two propeller’s grids, for dy = 0.5

Figure 5.7: Front and rear propeller grid overlaps, for dy = 1.25 and dy = 0.5

INFLOW DISTRIBUTION FOR dy = 1.25

In the first case, the lateral separation between the two propeller is dy = 1.25. We can appreciate how the
blade of the rear propeller, by looking at Figure 5.7a, does not go on the "right" side of the front propeller grid.
In Figure 5.8 the polar distribution of va,s encountered by the rear propeller blade is presented, divided by
the freestream velocity. The outboard part of the blade experiences the higher values of the slipstream axial
velocity. However, for the higher values of η shown, it’s possible to see a decrease in va,s , due to the fact that
the tip of the rear propeller blade passes through the radial distribution of va,s . Therefore, in the central part,
for Ψ= 180◦, its value, if we look at 5.5b, is almost half the values at ∼ 160° and ∼ 200°. Focusing the attention
towards the inner part of the blade, the effects of the interference affects a smaller range of polar angles when
compared to the outboard region. Combined to fact that the magnitude is higher in the outboard region, we
can conclude that the outboard sections will experience increased effects of the interaction, in particular a
decreased local αr .
Focusing the attention of the plot presented in Figure 5.8, it is possible to see how the tangential component
of the inflow velocity affects the blade. It should be noticed that this value is defined as the tangential velocity
component relative to the rear propeller polar coordinate system. Therefore, this means that a negative value
contributes to the rotational speed seen by each section, increasing the local angle of attack, or rather it reduces
the effects of the increased axial component due to va,s , in the sense that contributes positively to the in-plane
component of the velocity seen by the blade section. However, since it is a component of the overall dynamic .
Due to the different distribution over the slipstream radius of vt ,s , we can appreciate how the maximum value
it is seen by a blade section at η= 0.7375. In Figure 5.8 for the same section, the va,s maximum value is slightly
lower than its value as seen by the most outboard section.

INFLOW DISTRIBUTION FOR dy = 0.5

In this case the distance between the two propeller axes is lower. Therefore, a larger part of the rear propeller
disc is affected by the front propeller inflow. Looking at the va,s polar distribution, we can see how, in this case,
the inboard section (η = 0.4003) whole rotation is affected by the slipstream inflow. This means that its time
averaged behaviour will be substantially different, compared to the isolated case. The more we go toward the
tip of the blade, the smaller is the polar range of disturbance. It’s possible to see, moreover, how in this model
the inflow relative to the internal region of the slipstream is characterized by a constant value. The maximum
values of va,s are similar to the previous case, but now almost every blade sections experiences that maximum,
and for a much broader range. Looking at the vt ,s polar distribution, it should be notice how the situation
is dramatically different from the previous case. The largest part of the blade now sees a positive slipstream
tangential velocity. This means that the overall in-plane velocity experienced by the blade sections is reduced,
therefore decreasing the local αr . We can then expect even more sectional losses.
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Figure 5.8: Propeller inflow: slipstream axial velocity distribution on the rear propeller at various radial station η for n f = nr = 135 and
dy = 1.25, V∞ = 20 m/s

Figure 5.9: Propeller inflow: slipstream tangential velocity distribution on the rear propeller at various radial station η for n f = nr = 135
and dy = 1.25, V∞ = 20 m/s

Figure 5.10: Propeller inflow: slipstream axial velocity distribution on the rear propeller at various radial station η for n f = nr = 135 and
dy = 0.5, V∞ = 20 m/s
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Figure 5.11: Propeller inflow: slipstream tangential velocity distribution on the rear propeller at various radial station η for n f = nr = 135
and dy = 0.5, V∞ = 20 m/s

5.4.2. COMPARISON BETWEEN QUASI STEADY AND UNSTEADY RESULTS

Proceeding further with the analysis, we are now able to solve the propeller loading distribution by using a two
steps procedure: a preliminary quasi-steady solution, done inside Prop1D, and the unsteady analysis of the
propeller computed by using the Sears’ theory. In this Subsection, as in the previous, only the results corre-
sponding to the dx = 5.5 case are presented. Furthermore, in order to compare two relevant cases, the results
for dy = 0.5 and dy = 1.25 are shown. Both propellers are set to have the same rotational speed, equal to
n f = nr = 135 rps. At first, the quasi steady computation is performed, and the results in terms of the local αr

seen by the blade, for the two values of dy , are shown in Figures 5.12 and 5.13. The αr values over the polar
angle have been subtracted by the average made for each η. It is evident how the disturbed inflow causes the
local angle of attack to drop quite dramatically if compared to its values in the undisturbed region. By compar-
ing the αr variation over Ψ and the distribution of va,s (Figures 5.8 and 5.10 we can notice the strong relation
between the two. In fact, the positive peaks of the inflow axial velocity correspond to negative valleys in the
αr distribution, and vice versa. It should also be noticed how the program does not iterate over the rotation in
order to "spread" the disturbance, but instead solves each Ψ section independently. This means that sudden
drops in quantities are expected, not only in the αr but also in the local cl or in the sectional dT /dr .

Figure 5.12: Propeller distribution: local αr distribution on the rear propeller at various radial station η for n f = nr = 135 and dy = 1.25
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Figure 5.13: Propeller distribution: local αr distribution on the rear propeller at various radial station η for n f = nr = 135 and dy = 0.5

Starting from the quasi-steady solution it is possible to proceed further with the unsteady analysis. The αr

distribution, subtracted by its mean value for each station η is the main input for the Sears’ analysis method.
A comparison between the cl provided by the quasi-steady solution and the two methods discussed in the
numerical setup Chapter are presented in Figure 5.14. The case of n f = nr = 135 rps and dy = 0.5 is shown, and
the distribution relative to η = 0.7375 is taken as an example. It is quite clear how the method, now, spreads
the disturbance over the whole rotation. If the quasi-steady distribution of cl follows closely the αr one, as
expected, the unsteady lift is now anticipated, and the two negative peaks are less pronounced. It is possible
to explain why the unsteady lift is anticipated by referring to the discussion regarding the Sears’ function done
in Subsection 3.3.2. The reduced frequency, for J = 0.49, a freestream velocity of 20m/s and a radial station of
η = 0.7375 is approximately 0.17k, with k the harmonic order. With values of k of four and higher, the phase
shift in the Sears function will be positive.

Figure 5.14: Comparison of the cl distribution computed by the different methods, for a radial section η= 0.7375, n f = nr = 135 and
dy = 0.5

If we now look at the difference between the two unsteady approaches, it is possible to notice that the 2nd
method tends to be slightly closer, in terms of values, to the quasi steady solution, keeping, however, the same
behaviour over the rotation of the 1st method. Due to this small difference, the 2nd method was chosen solely
on the fact that the solution computed by the program is, in fact, more considered. As mentioned in Subsection
3.3.2, the 2nd method takes into account only the "variational" influence, i.e. the values of the Sears function
over the rotation, and by adding them to the quasi steady distribution, the unsteady response of the blade is
obtained.
It can be observed that even though the negative peaks magnitude is smaller for the unsteady lift, the fact
that the blade response to the disturbance has an effect also in the undisturbed region, means that the time
averaged values of the two solutions are quite close to each other, meaning that the overall propeller loading
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solution computed by the unsteady method is probably similar to the quasi steady solution. However, this
method is useful to have an idea of how the load is distributed over the propeller disc.
In Figures 5.15a and 5.15b the averaged distribution over the propeller disc of the lift coefficients are presented,
for dy = 0.5 and n f = nr = 135 rps, showing clearly how the two methods are different from each other. The
unsteady cl distribution is more smoothly scattered over the disk, and its distribution is not symmetric around
Ψ= 180° as it is in the quasi steady solution. In Appendix C further results regarding the disc loading distribu-
tion as evaluated in the program are presented.
As already mentioned, we are not expecting a big difference in the overall propeller solution. By looking at
Table 6.1 it is to be observed how the thrust coefficients differs between the two solution by less than 1% of its
value. On the other hand, the power coefficient from the unsteady analysis is less than 4% smaller if compared
to the one from the quasi-steady solution, which can actually be considered as a relevant difference.

Variables QS solution UNS solution (QS-UNS)/QS
CT 0.0629 0.0626 0.0043
CP 0.0531 0.0549 -0.0341

Table 5.1: CT and CP values computed from the quasi-steady and the unsteady solution, for dy = 0.5 and n f = nr = 135.

(a) Lift coefficient distribution over the propeller disc for n f = nr = 135 and
dy = 0.5 (Quasi steady)

(b) Lift coefficient distribution over the propeller disc for n f = nr = 135 and
dy = 0.5 (Unsteady)

Figure 5.15: Lift coefficient distribution over the propeller disc as seen from the front (counter clockwise rotational direction), as
computed by the quasi steady method and unsteady method for n f = nr = 135 and dy = 0.5

5.4.3. EFFECTS OF THE INTERACTION ON THE PERFORMANCES
In this Subsections the effects on the CT − J and CP − J curves due to the effects of the interaction are pre-
sented. As expected from the preliminary discussion done in the previous Subsection, we are expecting the
performance of the rear propeller to drop, in terms of thrust and power generated, with decreasing lateral sep-
aration between the two propeller axis dy . Considering dx = 5.5, in Figures 5.16a and 5.16b the interaction
curves are presented in terms of CT and CP , in case of n f = 135 rps. At first it should be noticed how the highest
value of J used for each dy setting is different, and this is done because it was necessary to keep the thrust and
torque of the propeller at an acceptable level in order to avoid windmilling.
Starting from the highest value of separation dy = 3 and dy = 2 we can notice how the rear propeller is unaf-
fected by the front propeller slipstream. This is due to the fact that in this method the flow outside the slip-
stream tube is unaffected by the accelerated and swirled inflow inside, therefore the inflow of the rear propeller
for those two is characterized by the freestream velocity V∞ for the whole disc.
It can be observed how the decreases in the CT and CP values is not proportional within the whole range of dy .
In fact, starting from the value of dy = 1 it can be seen a much steeper gradient in how the propeller is affected
by the interaction. One of the reasons of this behaviour can be explained by looking at how the slipstream
tangential component is seen by the local section of the rear propeller’s blade. As discussed in the previous
Subsection, the vt ,s can be positive or negative, with respect to the rotational speed direction of the propeller’s
blade, therefore causing a decreased or increased contribution to the local αr .
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It should be observed how, by looking at Figures 5.17a and 5.17b how, due to the lower rotational speed of the
front propeller, the trend in both CT and CP , for the lowest J , is quite different from the previous case where
n f = 135 rps. This can be explained by just looking at the slipstream axial and tangential velocity profile in Fig-
ures 5.5a and 5.6a. The magnitude of the velocity components in the slipstream is almost one third if compared
to the 135 rps case, therefore a less dramatic effect on the rear propeller performance should be expected. It is
interesting, however, to notice that in the case of equal rps between the front and the rear propeller, the trend
of the various CT curves is almost the same.
Focusing now the attention on the interaction curves for dx = 0.6 (Figures 5.16a, 5.16b, 5.17a and 5.17b), it can
be observed the more restricted range of dy used for this case. It can also be noticed how the loss in terms of
thrust and power looks less pronounced. This can be explained by considering that for dx = 0.6 the slipstream
contraction is not fully developed, therefore the velocity magnitude (especially for the axial component) is
smaller if compared with the dx = 5.5 case.
It should be noticed that in this numerical model the rear propeller has no influence on the front propeller
behaviour. If this assumption can be safely made for the case of dx = 5.5, due to the large separation between
the two propeller discs, in the close case the assumption is probably too strong. In fact, the slipstream tube
generated in front of the rear propeller is characterized by an axial velocity component which is higher than
the freestream velocity, therefore inducing a change in the local axial velocity seen by the front propeller blade,
when passing through the interaction region.

(a) Interaction effects: CT − J curves parametrized with dy values, for
n f = 135 and dx = 5.5

(b) Interaction effects: CP − J curves parametrized with dy values, for
n f = 135 and dx = 5.5

Figure 5.16: Interaction effects: CT − J and CP − J curves parametrized with dy values, for n f = 135 and dx = 5.5 (Numerical results)

(a) Interaction effects: CT − J curves parametrized with dy values, for
n f = 115 and dx = 5.5

(b) Interaction effects: CP − J curves parametrized with dy values, for
n f = 115 and dx = 5.5

Figure 5.17: Interaction effects: CT − J and CP − J curves parametrized with dy values, for n f = 115 and dx = 5.5 (Numerical results)
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(a) Interaction effects: CT − J curves parametrized with dy values, for
n f = 135 and dx = 0.6

(b) Interaction effects: CP − J curves parametrized with dy values, for
n f = 135 and dx = 0.6

Figure 5.18: Interaction effects: CT − J and CP − J curves parametrized with dy values, for n f = 135 and dx = 0.6 (Numerical results)

(a) Interaction effects: CT − J curves parametrized with dy values, for
n f = 135 and dx = 0.6

(b) Interaction effects: CP − J curves parametrized with dy values, for
n f = 135 and dx = 0.6

Figure 5.19: Interaction effects: CT − J and CP − J curves parametrized with dy values, for n f = 115 and dx = 0.6 (Numerical results)

5.4.4. EFFECT OF THE INTERACTION ON THE REAR PROPELLER THRUST
In this Subsection the attention will be focused mainly on how the thrust of the rear propeller is affected by
the front propeller slipstream impingement. Considering the interaction plots presented in the previous Sub-
section, the change in CT is now plotted vs. the range of dy used. The change in CT is expressed by the "loss
factor" ∆CT , given by:

∆CT = CT,i so −CT,i nst

CT,i so
(5.1)

With CT,i so the thrust coefficient in the isolated configuration and CT,i nst the thrust coefficient of the rear pro-
peller for the different dy configurations. In Figures 5.20a and 5.20b the ∆CT variation are presented for the
far and close case, for n f = 135 rps. The two curves shown in the Figures are relative to the maximum value
of rps used for the rear propeller (nr = 165 rps, which correspond to Jr = 0.398), and to the case where both
propellers have the same rotational speeds. In the diagram relative to the the far case, it can be observed how
the slope of the curve changes at the value of dy = 0.75. In fact, starting by the case where the rear propeller
is not influenced by the front slipstream, the rate of how much the rear propeller’s thrust decreases increases
drastically from dy = 0.75 on. This is true for both values of Jr . As already said in the previous Subsection, this
can be explained by the fact that decreasing the lateral separation, not only a larger part of the propeller disc is
affected by the impingement, but also the tangential component of the slipstream velocity field starts to act in
the same direction of the blade rotation, therefore decreasing the local α.
The curve relative to the equal rps case looks very similar to the maximum rps one, except that, starting from
dy = 1.5, the corresponding∆CT values are increased by a factor which is inversely proportional to the increase
in lateral separation. Therefore, it can be said that, given the same front propeller slipstream, how the rear
propeller behaves through a range of dy values depends on the rear propeller load distribution (which is equiv-
alent to say that it depends on its rotational speed).
Looking now at the plot relative to the close case, it can be noticed how the effects, in terms of loss in thrust,
are more modest if compared with the far case. Even if not directly comparable, it is possible to see how, for
dy = 1.25 in the far case and dy = 1.28 in the close case, the loss of thrust is reduced for both values of Jr . The
reason behind this, as already said previously, is the reduced axial velocity of the slipstream in dx = 0.6. Similar
conclusions can be drawn by looking at Figures 5.21a and 5.21b, relative to n f = 115 rps.
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Moreover, by comparing Figures 5.20a and 5.21a it is possible to see how, when both propellers have the same
rotational speed, the ∆CT behaviour is similar, leading to almost the same losses within the whole range of dy .
This can be explained by considering that the induced velocity field depends on the propeller load distribu-
tion, that, for a given freestream velocity and blade pitch, is related to the rotational speed. Therefore, if we
keep the same rotational speed for both propellers, the induced velocity field from the front slipstream has a
certain effect on the rear propeller, effect that in terms of decreased performance is the same for another level
of rotational speed.

(a) Interaction effects: ∆CT vs dy for dx = 5.5 (b) Interaction effects: ∆CT vs dy for dx = 0.6

Figure 5.20: Interaction effects: ∆CT vs dy for dx = 5.5 and dx = 0.6 parametrized with two values of advance ratio Jr and n f = 135 rps
(Numerical results)

(a) Interaction effects: ∆CT vs dy for dx = 5.5 (b) Interaction effects: ∆CT vs dy for dx = 0.6

Figure 5.21: Interaction effects: ∆CT vs dy for dx = 5.5 and dx = 0.6 parametrized with two values of advance ratio Jr and n f = 115 rps
(Numerical results)

5.4.5. INCREASED POWER REQUIREMENT TO RECOVER THE LOSS OF THRUST

We have seen in the previous Subsection the effects of the interaction considering constant values of rotational
speed. But we saw that due to the interaction, the thrust can be heavily affected because of the increased
velocity of the slipstream. Therefore, we can imagine a situation were it is required to keep the same thrust for
both propellers. In order to do this it is necessary to recover the loss by increasing the rotational speed of the
propeller, therefore consuming more power.
The analysis proposed here is focused on the configuration relative to dx = 5.5. The first step of this analysis is
to obtain the value of thrust that we want to keep constant. An alternative form of the thrust coefficient is used,
named TC , which is given by:

TC = T

ρV 2∞D2 (5.2)

For each case of n f , the TC reference value chosen is relative to the Jr value equivalent to the case of nr = n f .
By looking at Figure 5.23a, the thrust level selected is TC = 0.581. Drawing a horizontal line, it is possible to in-
tersect each curves relative to each dy , therefore obtaining the relative JTeq values, that are going to be used to
enter in the P − J curves (Figures 5.23b and 5.25b). Intersecting the curves we obtain the power values needed
to keep the same thrust, called PTeq . Therefore, it is possible to define a ∆P , as in Equation 5.3.
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∆P =
PTeq −Pi so

Pi so
(5.3)

Figure 5.22: Procedure to obtain the power that in necessary to keep the same
thrust after the interaction

By doing this, we have a factor that is sensitive to the specific loss due to the interaction. In Figure 5.24
the ∆P distribution is plotted against the lateral separation dy . The values relative to dy = 0.25 and 0 are not
present since the intercept in the TC plots was higher in respect to the two relative curves. It is possible to notice
how dramatic are the requirements in terms of power in order to keep the same thrust already from values of
dy = 1.5. As an example, for n f = 135 rps, ∆P for dy = 0.375 is equal to ' 0.2527. This means that:

∆P = 0.2527 =
PTeq −Pi so

Pi so
⇒ PTeq = Pi so · (0.2527+1) ⇒ PTeq = Pi so ·1.2527

which means that the required increased power to keep the same thrust as it was before the interaction is a
∼ 25% of the corresponding power in the isolated configuration. We can also appreciate, in the distribution of
∆P , that the slope changes from the value of dy = 0.75 on. In fact, for lower lateral separation values the slope
is much steeper, following a behaviour that was already noticed in the ∆CT distribution.
Referring to the case of n f = 115 rps it is possible to notice how actually the behaviour of ∆P with dy is not
that different, even though the losses are slightly less, in fact for dy = 0.375 we find a ∆P ' 0.2018. Due to the
fact the interaction curves are closer within each other, it was possible to intersect the whole bundle. For a
total overlap, i.e. dy = 0, is was possible to find a ∆P slightly higher than 0.3, meaning that the required power
should be a 30% higher than the isolated one.

(a) Interaction effects: TC − J curves used to obtain the require increse in
power. Front rotational speed n f = 135 and dx = 5.5

(b) Interaction effects: P − J curves used to obtain the require increse in
power. Front rotational speed n f = 135 and dx = 5.5

Figure 5.23: Interaction effects: TC − J and P − J curves used to obtain the require increse in power. Front rotational speed n f = 135 and
dx = 5.5 (Numerical results)
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Figure 5.24: Interaction effects: ∆P necessary to keep the same thrust between front and rear propeller. Front rotational speed n f = 135
and dx = 5.5 (Numerical results)

(a) Interaction effects: TC − J curves used to obtain the require increse in
power. Front rotational speed n f = 115 and dx = 5.5

(b) Interaction effects: P − J curves used to obtain the require increse in
power. Front rotational speed n f = 115 and dx = 5.5

Figure 5.25: Interaction effects: TC − J and P − J curves used to obtain the require increse in power. Front rotational speed n f = 115 and
dx = 5.5 (Numerical results)

Figure 5.26: Interaction effects: ∆P necessary to keep the same thrust between front and rear propeller. Front rotational speed n f = 115
and dx = 5.5 (Numerical results)
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EXPERIMENTAL RESULTS

In this chapter the results obtained from the experiments performed in the OJF are discussed. A brief overview
of the measurements is presented in Section 6.1. In Section 6.2 the performance measurement relative to the
rear propeller in isolated configuration are shown. The total pressure measurements of the front propeller
slipstream and an evaluation of its thrust is discussed in Section 6.3. Finally, in Section 6.4 the effects of the
interaction are shown through the performance measurements of the rear propeller.

6.1. MEASUREMENT OVERVIEW
A detailed description of the test parameters and condition is presented in Section 4.5. At first, the rear pro-
peller performances were taken in isolated configuration. Secondly, the front propeller slipstream total pres-
sure distribution were measured by using a pitot probe. Finally, with both propellers on the test platform, it
was possible to measure the performance of the rear propeller with interaction. At first the axial separation
factor, dx , was equal to 5.5, and at last the close case, where dx = 0.6, was studied. The form chosen to present
experimental results proposed in this chapter is similar and comparable to the one from the numerical chapter.
Therefore, the isolated propeller performance are shown in terms of CT , CP and efficiency η. The slipstream
measurement are focused on the total pressure distribution, useful to obtain the thrust of the front propeller,
since it is not equipped with an internal balance sensor. The effects of the interference on the rear propeller
have been obtained by balance measurements, following the procedure and the methodology presented in
Chapter 4.

6.2. ISOLATED PROPELLER PERFORMANCE
In order to avoid errors due to each measurement set, four sweeps in rotational speed have been performed, al-
ternating an upsweep (going from the lowest value of nr to the highest) and a downsweep. Once that we obtain
the four sets of measurements, an interpolation is performed. In Figures 6.1a and 6.1b the CT and CP curves
for the four different sets of measurement are shown. It is possible to observe how the curves relative to the 1st
and 2nd measurement sets are consistently lower if compared to the 3rd and 4th curves. Moreover, the down-
sweep curves are higher if compared to the respective upsweep curve. This can be explained by the fact that in
the downsweep the internal temperature of the motor is quite high from the beginning of the measurements.
An higher temperature cause the strain gauges inside the sensor to deform more, therefore the output signal
indicates an higher value. It should also be noticed how the discrepancy between the four measurement sets
is proportional with the advance ratio. The reason behind this behaviour is that we are close to the instrument
sensitivity of the sensor, causing the accuracy of the measurements itself to drop. This behaviour, however, is
not present in the CP curves shown in Figures 6.1b, since they are basically on top of each other. In the same
plot the fitted data and the confidence bounds of the fit, with 95% of confidence level. It is possible to notice,
again, that for the CP we obtain much more "thin" bounds if compared with CT .
In this Chapter, the experimental results are going to be presented in terms of fitted values, in order to avoid
confusion inside the graphs. The isolated propeller performance measurements in terms of CT , CP and η are
shown in Figure 6.1. It can be observed how the efficiency has a monotonous behaviour, which is something
quite unusual for such a large range of advance ratios. This can be explained, again, by the fact that for the high-
est values of J the thrust measurements are slightly overestimated due to the lack of accuracy of the balance
sensor for such small values of forces, therefore causing the efficiency to grow.
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(a) Isolated propeller performance: CT − J curves relative to the four
measurements sweep. Freestream velocity V∞ = 20 m/s

(b) Isolated propeller performance: CP − J curves relative to the four
measurements sweep. Freestream velocity V∞ = 20 m/s

Figure 6.1: Isolated propeller performance: CT − J , CP − J measurements curves and fitted data. Freestream velocity V∞ = 20 m/s

Figure 6.2: Isolated propeller performance: CT , CP and efficiency η fitted curves from the experimental measurements. Freestream
velocity V∞ = 20 m/s
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6.3. FRONT PROPELLER SLIPSTREAM MEASUREMENTS

The propeller designed to be the front one was not equipped with an internal balance sensor. When mounting
the blades on the hub, some uncertainty should be considered in the actual blade pitch angle, which is, for a
given advance ratio, the main factor that determines the forces acting on the blade.
An investigation of the actual thrust level developed by the front propeller was therefore necessary, and in order
to satisfy this requirement, total pressure measurements of the propeller wake have been performed. From the
knowledge of the total pressure distribution behind the propeller, through an integration the thrust achieved
can be evaluated:

T =
∫R

0
2πr (pt (r )−p∞)dr (6.1)

With pt ,∞ the average total pressure of the freestream (V∞ = 20 m/s). Therefore, the first set of measurements
was performed very close to the propeller disk, with the probe swept through a range of radial positions η from
0.197 to 1.739, with respect to the propeller axis. In Figure 6.3 the total pressure coefficient Cp,t distribution
over the adimensional radial distance r /R is presented. Cp,t is defined as such:

Cp,t =
pt −pt ,∞

q∞
(6.2)

with q∞ = 1
2ρ∞V 2∞ and pt ,∞ the dynamic and total pressure of the freestream velocity. It possible to see that

it was possible to take measurements of the wake in radial position located at radial position smaller than the
nacelle wall. The measurements taken for the propeller in pusher configuration are compared with measure-
ments relative to the propeller in tractor configuration, i.e. with the propeller mounted in front of the motor
and the nacelle. Even though not directly comparable in terms of both contraction and radial distribution of
Cp,t , this comparison is useful since we are at least sure that the total pressure generated by the propeller in
pusher configuration is the same as in the tractor configuration, for a given blade pitch and advance ratio.
However, it can be observed that even if the probe was very close to the propeller disc, contraction is already
present. This can be explained by the fact that behind the rear propeller disc there is the spinner, that causes
the streamlines to follow its profile and filling the gap in its center. Due to this forced contraction of the internal
part of the slipstream, the whole slipstream itself contracts considerably.
By integrating the∆p distribution we are able to obtain the thrust values for the two levels of n f . By comparing
these values with the sensor-measured thrust of the rear propeller for the same rotational speeds, we obtain
the values in Table 6.1.

n f [rps] T [N] (from pt measurements) T [N] (from sensor, fit) Relative Error (%)
115 13.32 15.72 15%
135 22.45 27.22 18%

Table 6.1: Thrust computed by integrating the total pressure distribution for the two case values of n f compared with the measured thrust
from the rear propeller

It is possible to see how the error between the two types of measurements is ' 15% for n f = 115 rps and
' 18% for n f = 135. This means that probably a correction for the contraction is necessary, in order to obtain
the correct value of thrust. However, since the values of total pressure are comparable with the tractor configu-
ration, of which we have balance measurements, we have confidence in the thrust level developed by the front
propeller.
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Figure 6.3: Total pressure distribution behind the propeller in pusher and tractor configuration, for n f = 115 and n f = 135 rps.

Another aspect worth investigating was the influence of the framed pylon on the front slipstream. In order
to measure this effect, the total pressure probe was swept above and below the Y −X plane, for Z =±0.084 m,
and the sweeping range was defined with η that goes from -0.918 to 0.918 . The Cp,t distributions for the two
values of n f is presented in Figure 6.4. It can be clearly observed how the velocity deficit due to the presence of
the pylon causes a small drop in the total pressure distribution. The disturbance, due to the swirl present in the
slipstream, is, as expected, slightly delayed with respect to the pylon position. However, the overall distribution
of total pressure is not heavily affected by the disturbance. It can also be noticed a small discrepancy from the
above and below measurements for the range of r /R from 0.3 to the boundary of the slipstream. This error
might be due to either misalignment of the probe while performing measurements or more probably due to an
asymmetry of the whole slipstream, since every measured ∆p goes to 0 for the same r /R value.

Figure 6.4: Total pressure distribution of the front propeller aimed to investigate the effects of the pylon. "Above" measurements
correspond to Z =+0.084 mm, while "below" measurements to Z =−0.084 mm

At last, total pressure measurements of the slipstream far field were done. The probe was installed such that
its tip was at dx = 5.5 radius from the propeller disc, and it was swept through a range that went from -159 to
159 mm. Due to avoid too excessive runs of the propeller, the whole range was divided in two ranges named,
by referring to Figure 6.5, negative and positive side. Negative side sees the blade going up, while the positive
one sees the blade going down. The ∆p distributions for both sides and the two values of n f is presented in
Figure 6.6.
It can be observed how, in the internal part of the slipstream, the total pressure tends to drop to very low values.
This is caused by a vortex localized at the center of the slipstream, characterized by a strong swirling compo-
nent, meaning that the flow in this region has a considerable angle with respect to the axial position. The total
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pressure probe is not capable to measure accurately the total pressure of a flow with such angles. Moreover, due
to the presence of the spinner, a separation zone is probably present in the center of the slipstream, therefore
the results in this zone should not be trusted.
In order to measure properly the magnitude of this vortex, a kiel probe could have been the solution, since it
can measure larger flow angles, but due to lack of wind tunnel time, it was not possible to investigate the phe-
nomenon further. By now looking at the outer boundaries of the slipstream, we can notice how the downslope
of the curves, in the positive side, looks different compared to the downslope of the distribution in the negative
side. The reason behind this is not perfectly clear, but it can be due some effects of the mixing between the
freestream field and the slipstream, plus some minor errors in the alignment of the probe. Compared with the
closer measurement set, it can be appreciated how the edges of the slipstream itself are less defined, but the
maximum of the distribution are basically the same. This should be expected, since the total pressure inside
the slipstream remains constant downstream, according to the momentum theory [15].

Figure 6.5: Rear view of the propeller plane: in the positive side the blade is moving downard, in the negative upward.

Figure 6.6: Total pressure measurements of the slipstream at dx = 5.5, for n f = 115 rps and n f = 135 rps
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6.4. REAR PROPELLER PERFORMANCE: INTERACTION EFFECTS

6.4.1. EFFECTS OF THE INTERACTION ON THE PERFORMANCE

The wind tunnel testing of the interaction was performed in two different phases. In the first one, the case
where the axial separation between the propeller disc was dx = 5.5 propeller radius was done. Subsequently,
the two propellers were mounted in a close proximity configuration, where dx = 0.6. For each configuration,
the front propeller rotational speed was set to two specific values, n f = 115 and n f = 135 rps. The lateral sepa-
ration dy was controlled by shifting the rear propellers over two fixed beams. For each combination of dx , n f

and dy , the rear propeller was driven through an appropriate range of rps, with steps of 10 rps. The highest
value of nr , used in every configuration, was nr = 165 rps, while the lowest one depended on the dy chosen.
For every configuration four measurements were taken, in order to assure a good fit and avoid casual variation
typical of a single measurement.
In Figures 6.7 to 6.10 the results are shown in terms of CT − J and CP − J curves, divided with respect to each dx

case and front propeller rotational speed. The measurements are presented in terms of fitted data between the
four measurement sets, in order to improve the clarity of the plots. Within each plot it is possible to observe
the effects of the interaction in the rear propeller behaviour, since the CT and CP measurements relative to the
isolated configuration are plotted as well. It is possible to observe how, in the case of dx = 5.5 and n f = 135
rps (Figure 6.7a and 6.7b), the CT becomes lower with decreasing dy , but the rate of its decrease is different for
each value of advance ratio. This is expected, since we are keeping constant the slipstream velocity field that
impinges the propeller while changing the in plane component of the rear propeller. In particular, if we keep
decreasing nr , the rear propeller is more susceptible to the disturbance, therefore its performance are going to
decrease more. It should be noticed how the quality of measurements can affect the accuracy of these plots.
In particular, by comparing Figures 6.7a and 6.7b it is possible to appreciate how, since the balance sensor is
more accurate in the torque measurements, the CP − J curves are quite consistent, in the behaviour, within
each other.
The measurements relative to the highest values of lateral separation (dy = 2 and dy = 3) shows some dis-
crepancy if compared with the isolated propeller measurements. This can be due to many factors. At first,
it should be mentioned that the measurements relative to the isolated case were collected with the propeller
pylon mounted on turning table, due to previous testing requirements (not part of this specific work). A small
play present in the turning table structure could have affected the measurements of the isolated configura-
tion, therefore causing this discrepancy. Another reason could be that isolated and interference case have been
measured in two different days, even though changes in density ρ∞ and freestream velocity V∞ are taken into
account inside the non dimensional factors CT , CP and J . However, we can confidently say that the curves are
in the confidence interval of four measurement sets, therefore we can conclude that the interaction effects in
this region are negligible.
A more interesting phenomenon can be observed for high loaded propellers with high values of lateral separa-
tion dy , that can be observed in both far and close case in the thrust coefficient distributions (Figures 6.7a, 6.8a,
6.9a and 6.10a). For values of J−[0.4−0.45], the thrust coefficients data are slightly shifted towards lower values.
If we look at the dashed curve this behaviour is not present. This behaviour is quite evident for dy values up
to dy = 1.25, and not present in the CP distribution. The cause of this local decrease in thrust is not clear, even
though is not very dramatic and again, we can say that it falls in the uncertainty interval of the measurements.
This effect, however, has a different nature of the increased thrust and power of the rear propeller that have
been measured, in the close case, for values of overlap dy = [1.75,2]. In fact it can be observed how, for these
aforementioned values of lateral separation, both thrust and power of the rear propeller are higher if compared
both to the isolated measurement (dashed curve in the plot) and to the distribution relative to dy = 3, that
can be considered an "undisturbed" configuration of the rear propeller. This effect is more important in the
n f = 135 rps case, and is totally absent in the far case, therefore we can already conclude that the close proxim-
ity between the two propellers is the cause of this increase in performance. Moreover, for the highest n f case,
the rear propeller experiences increased performances for dy = 1.75, while in case of n f = 115 rps, the highest
curve is when the lateral separation is dy = 2.
Looking again at Figures 6.9a to 6.10b it is possible to observe that for certain values of dy , the performance of
the propeller are above the measurements relative to the isolated case. This happen especially for dy = 2 when
n f = 135 rps and for dy = 1.75 when n f = 115 rps. This effect might be possibly explained as such.
When a propeller is characterized by a reasonable thrust coefficient, its slipstream has a moderate to high con-
traction ratio. This contraction usually takes place right behind the propeller disc, and then other effects take
a lead in the phenomena such as the mixing with the freestream outside the slipstream. However, this strong
contraction ratio causes the streamlines that are in proximity of the slipstream to deflect, therefore locally the
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velocity vectors are characterized by an angle of attack with respect to the undisturbed velocity direction.
When the two propellers are in close proximity the rear one is affected by this deflection of the freestream ve-
locity. A certain part of its blade, therefore, is reached by a deflected vector, with an axial component which is
now smaller. This "angle of attack" effect causes this part of the blade to contributes with an higher thrust and
power, because a reduced axial component of the freestream shifts the local advance ratio to smaller values,
therefore the local α seen by the blade section is larger as well as the lift. Depending on how much the two
propellers are overlapped, on the thrust level of the front propeller (that determines the intensity of the con-
traction), this effect allows the rear propeller not only to recover the loss of performance due to the interaction,
but also to slightly outperform with respect to the isolated case.

(a) Interaction effects: CT − J curves parametrized with dy values, for
n f = 135 and dx = 5.5

(b) Interaction effects: CP − J curves parametrized with dy values, for
n f = 135 and dx = 5.5

Figure 6.7: Interaction effects: CT − J and CP − J curves parametrized with dy values, for n f = 135 and dx = 5.5 (Experimental results)

(a) Interaction effects: CT − J curves parametrized with dy values, for
n f = 115 and dx = 5.5

(b) Interaction effects: CP − J curves parametrized with dy values, for
n f = 115 and dx = 5.5

Figure 6.8: Interaction effects: CT − J and CP − J curves parametrized with dy values, for n f = 115 and dx = 5.5 (Experimental results)

(a) Interaction effects: CT − J curves parametrized with dy values, for
n f = 135 and dx = 0.6

(b) Interaction effects: CP − J curves parametrized with dy values, for
n f = 135 and dx = 0.6

Figure 6.9: Interaction effects: CT − J and CP − J curves parametrized with dy values, for n f = 135 and dx = 0.6 (Experimental results)
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(a) Interaction effects: CT − J curves parametrized with dy values, for
n f = 115 and dx = 0.6

(b) Interaction effects: CP − J curves parametrized with dy values, for
n f = 115 and dx = 0.6

Figure 6.10: Interaction effects: CT − J and CP − J curves parametrized with dy values, for n f = 115 and dx = 0.6 (Experimental results)

6.4.2. EFFECT OF THE INTERACTION ON THE REAR PROPELLER THRUST

It is now important to understand the actual effects on the thrust of the front propeller slisptream ingestion.
In order to to this, in the same manner as it was done in the numerical results chapter, the behaviour of the
∆CT factor (Equation 5.1) is studied, versus the lateral separation dy . In Figures 6.11a and 6.12a the results
relative to the dx = 5.5 case are shown, while in Figures 6.11b and 6.12b the results from the close case are
presented. If we look at the curve relative to Jr = 0.398, which correspond to the maximum rps value used for
the rear propeller (nr = 165 rps) it is possible to appreciate the effects of the front propeller thrust level on the
interaction. In fact, if we consider dy = 0, the loss of thrust of the rear propeller is ∆CT ' 0.5 for n f = 135 rps,
while for n f = 115 rps its value is ∆CT ' 0.3. The increased rotational velocity of the front propeller causes an
increased load distribution, that proportionally induces a velocity field on the slipstream higher in magnitude.
The rear propeller sees an increased axial component of the velocity, hence its thrust is more affected.
The change in slope of the∆CT curve from the value of dy = 1, already noticed in the correspondent numerical
results, can be observed also in the experimental measurements. As already discussed, the reason might lay
in the vt ,s distribution over the rear propeller disc, whose contribute to the local angle of attack can be either
positive or negative, in terms of losses.
Focusing now the attention towards the close case plots, it is possible to appreciate the increased thrust, minor
in the n f = 135 rps case (Figure 6.11b), much more important in the n f = 115 rps case (Figure 6.12b). Looking
at the curve relative to Jr = 0.571, for dy = 1.75, a small negative ∆CT is present.
Comparing the far and close case, it is possible to see how the value of∆CT for dy = 1.25 (far case) and dy = 1.28
(close case) are quite different. Due to the close proximity between the two propeller discs, the axial velocity
component of the slipstream is not already equal to twice its value. Therefore, the rear propeller sees, in the
close configuration, a lower vt ,s distribution, therefore experiencing reduced thrust and power losses.

(a) Interaction effects: ∆CT vs dy for dx = 5.5 (b) Interaction effects: ∆CT vs dy for dx = 0.6

Figure 6.11: Interaction effects: ∆CT vs dy for dx = 5.5 and dx = 0.6 parametrized with two values of advance ratio Jr and n f = 135 rps
(Experimental results)
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(a) Interaction effects: ∆CT vs dy for dx = 5.5 (b) Interaction effects: ∆CT vs dy for dx = 0.6

Figure 6.12: Interaction effects: ∆CT vs dy for dx = 5.5 and dx = 0.6 parametrized with two values of advance ratio Jr and n f = 115 rps
(Experimental results)

6.4.3. INCREASED POWER REQUIREMENT TO RECOVER THE LOSS OF THRUST

In this Subsection the same procedure from Subsection 5.4.5 is presented, but using the results from the exper-
imental measurements. In order to appreciate some actual effects, the results here proposed are relative to the
case where dx = 5.5. In Figures 6.13a and 6.13b the distributions of thrust coefficient TC versus advance ratio
J and the relative plot for power developed by the propeller are presented for n f = 135 rps. The same curves
relative to the other value of n f , 115 rps, are shown in Figures 6.15a and 6.15b.
If we look at Figures 6.14 and 6.16 it is possible to appreciate the behaviour of the ∆P versus the lateral sep-
aration factor dy for the two values of n f . In Figure 6.14 the value relative to dy = 0 is not present since the
horizontal curve for TC = 0.605 (Jr = 0.486) does not intercepts the relative curve.
The behaviour of the∆P is similar to the one evaluated through the numerical approach. It can be noticed how,
comparing the two curves, how the one relative to n f = 115 rps present a more linear behaviour from dy = 0 to
dy = 1, while the other one has a small depression for dy = 0.75. Moreover, it should be noticed the behaviour
of the curve for the highest values of dy . In fact, since the measurements of the isolated case are not exactly
equal to the ones performed for those values of lateral separation, a negative ∆P is present. However, a trend
can be observed, in particular the lowest value of ∆P can be found for dy = 2, with a small recovery increasing
the separation further.
From the previous Subsection, we saw that, when both propellers were at the same rotational speed, the ∆CT

distributions were quite comparable. However, by looking at the curves proposed in this Subsection, it is pos-
sible to notice how the two distributions show that for an higher rps value of the front propeller, more power is
required to recover from the interaction.

(a) Interaction effects: TC − J curves used to obtain the require increse in
power. Front rotational speed n f = 135 and dx = 5.5

(b) Interaction effects: P − J curves used to obtain the require increse in
power. Front rotational speed n f = 135 and dx = 5.5

Figure 6.13: Interaction effects: TC − J and P − J curves used to obtain the require increse in power. Front rotational speed n f = 135 and
dx = 5.5 (Experimental results)
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Figure 6.14: Interaction effects: ∆P necessary to keep the same thrust between front and rear propeller. Front rotational speed n f = 135
and dx = 5.5 (Experimental results)

(a) Interaction effects: TC − J curves used to obtain the require increse in
power. Front rotational speed n f = 115 and dx = 5.5

(b) Interaction effects: P − J curves used to obtain the require increse in
power. Front rotational speed n f = 115 and dx = 5.5

Figure 6.15: Interaction effects: TC − J and P − J curves used to obtain the require increse in power. Front rotational speed n f = 115 and
dx = 5.5 (Experimental results)

Figure 6.16: Interaction effects: ∆P necessary to keep the same thrust between front and rear propeller. Front rotational speed n f = 115
and dx = 5.5 (Experimental results)



7
COMPARISON AND DISCUSSION OF

NUMERICAL AND EXPERIMENTAL RESULTS

The previous two chapters of this result part presented separately the numerical and experimental evaluations
obtained, showing the effects on the rear propeller due to impingement of the front propeller slipstream. In
this Chapter, the numerical and experimental results will be compared.
The structure of this chapter will be similar to the one of the previous parts, in Section 7.1 the performance mea-
surements of the isolated propeller are going to be compared with the numerical computation of the isolated
propeller performance. In Section 7.2 the measurements of the front propeller total pressure will be compared
with the ones evaluated through the numerical slipstream model. Finally, in Section 7.3 the interaction effects
evaluated by the numerical and experimental approach will be compared.

7.1. ISOLATED PROPELLER PERFORMANCE
In this Section the results relative to the propeller performance in isolated configuration are compared with the
experimental measurements, as shown in Figure 7.1.

Figure 7.1: Isolated propeller performance: CT , CP and efficiency η fitted curves from numerical and experimental measurements.
Freestream velocity V∞ = 20 m/s

The results are valid for a freestream velocity of V∞ = 20 m/s and a range of J = [0.4−0.69]. It is possible to
observe that the results are not too far from each other.

71
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In particular, the CT obtained with Prop1D is slightly underestimated for the whole range of J , while the CP

is overestimated through almost the entire range, but it gets closer to the experimental data for high J . The
numerical CT results agree better with the experimental data for low J , and at highest advance ratios values the
maximum difference is observed. The two efficiency curves are quite different between each other, and this is
due to the offsets between the CT and CP curves.
It should be noted that, for J = 0.69, the Reynold number of the effective velocity seen by the blade are quite
low (from 200000 to 70000). For such low Reynold numbers it is expected that the 2D analysis performed by
RFOIL to be inaccurate. The inaccuracy probably lies in an overall overestimation of the drag experienced by
each sections, causing the η and CT to drop, but increasing the CP .
Moreover, looking at the efficiency curve obtained through the experimental measurements and is monotonous
behaviour, it could also be possible that the sensor provided overestimated values of thrust when the advance
ratios is pretty high. For the highest values of J, the thrust is in the range of 8 to 4 N, values that are close to the
sensibility of the sensor, causing it to be inaccurate in the output signal.
Therefore, considering the first half of advance ratios range used, this offset might be decreased by applying
a corrective factor to the sectional 2D drag coefficient, in order to tuning properly the sectional contributes
to thrust and torque. Anyhow, since the main purpose of this work was to validate the numerical interaction
method hence the ∆ between isolated and installed performances, this correction to the iso values was not
applied.

7.2. FRONT PROPELLER SLIPSTREAM

In this Section a comparison between the numerical model of the slipstream and the experimental measure-
ments is discussed. In Figures 7.2 and 7.3 the total pressure coefficient Cp,t evaluated for the close and the
far case evaluated through the two different approaches are presented. The total pressure is numerically eval-
uated following the procedure presented from Equation 2.13 to 2.2.2. The reference freestream velocity is 20
m/s. Only the positive side measurements (reference to Figure 6.5 are shown. It is possible to appreciate the
offset between measurements and evaluation, not only in maximum value but also in the radial distribution.
In the close case, for dx = 0.6, the real slipstream is already more contracted compared to the model. In fact,
the numerical approach does not take into account the spinner effect and the gap in its center is not modelled,
therefore its contraction ratio is way less pronounced. The discrepancy is way more evident if we look at the
dx = 5.5 case, where the velocity field of the actual slipstream spans from η ' 0.1 to ' 0.9, while the range of
influence of the numerical model is more narrow, from η ' 0.28 to ' 0.9. Moreover, in both cases (close and
far), the total pressure distribution has higher values for almost the whole range of η. This can be expected to
have an influence in the interaction effects, as measured and as numerically evaluated.

Figure 7.2: Front propeller slipstream total pressure distributions for the close case, experimental measurements compared with
numerical evaluations.
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Figure 7.3: Front propeller slipstream total pressure distributions for the far case, experimental measurements compared with numerical
evaluations.

7.3. REAR PROPELLER PERFORMANCE: INTERACTION EFFECTS
It is now possible to discuss the results relative to the rear propeller performance affected by the interaction.
The comparison is done by correlating the same type of evaluations from the numerical and experimental
result chapters. Therefore, in Subsection 7.3.1 the effects on thrust due to the overlap are compared, while in
7.3.2 the evaluation relative to the power requirements needed to keep constant thrust through the interaction
are discussed.

7.3.1. EFFECT OF THE INTERACTION ON THE REAR PROPELLER THRUST
Considering the two axial separation cases, dx = 5.5 and dx = 0.6, and the two front propeller rotational speed
values, n f = 135 and n f = 115 rps, the results from the numerical and experimental approaches regarding the
variation of thrust ∆CT due to the overlap, are presented in Figures from 7.4 to 7.7. In these plots, the curves
evaluated through the numerical approach are shown in red, while the ones obtained by experimental mea-
surements in black. Far and close case are not shown in the same plots to avoid confusion, and the plots are
divided with respect to the two front propeller advance ratios. The ∆CT distribution relative to a rear propeller
advance ratio equal to the one of the front propeller in denoted with "equal rps", while "maximum rear rps" in-
dicates the behaviour relative to the highest value of rear propeller rotational speed of the whole range. A quick
look to every plots, shows that the offset is quite small between experimental and numerical values, which vali-
dates the numerical method. By using the ∆CT factor it is possible to withdraw the differences between the CT

values evaluated through the experiments and numerical method, both for the isolated and installed configu-
ration and focus the attention towards the actual impact that the interaction has on the performance.
Looking at Figure 7.4, we can notice different regions where we can find similar behaviours between the two
pair of curves. In the first of these region, for 0 < dy < 0.375, the program overestimates the losses. In this
region, the biggest difference is for dy = 0, where the numerical ∆CT is 8.7% bigger for equal rps and 13.5%
bigger for maximum rps. The offset then decreases and for dy = 0.375 numerical and experimental values are
basically on top of each other. For these low values of dy a big part of the rear propeller is interested by the slip-
stream flow, and the center of the slipstream almost matches the center of the propeller. By looking at the total
pressure distribution measured in the wind tunnel testing and the slipstream results obtained in the numerical
model(Figure 7.3), it is possible to notice how different they are from each other. We can consider the radial
position η as an equivalent to dy , with dy = 0 the center of the front propeller. Even though it is not possible
to directly compare the two, since in reality there are no "fixed" boundaries of the slipstream, and at dx = 5.5
mixing between internal and external flow is already happening, it is possible to notice how the real slipstream
is more contracted than the numerical.
When dy is very small, the internal part of the slipstream reaches the spinner of the rear propeller. The blade
is therefore interested by the slipstream field from η ' 0.3 to its external edge. In this region, the numerical
total pressure distribution is higher than the experimental, therefore we can assume that also the induced axial
velocity is higher, causing the program to overestimate the losses in this range of dy . Similar conclusion can be
drawn for the n f = 115 rps case (Figure 7.6), where the biggest offsets are found for dy = 0, where the numerical
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∆CT is 16% bigger for equal rps and 19% for maximum rps. In this case the losses relative to the maximum rps
case are consistently lower for both numerical and experimental results. Even though the behaviour of ∆CT is
still comparable between the two n f cases, it should be noticed how, for n f = 115 and dy = 0, the numerical
and experimental values are further from each other compared to the previous case. Going on with the separa-
tion, it is possible to appreciate how the numerical and experimental results for dy = 0.375,0.5 agree quite well
within each other, for each case.
As opposed to what we observed in the previous region, for n f = 135 rps, we see that for 0.5 < dy < 1 the losses
evaluated through the experimental data are bigger than the numerical. This region has the same extent in
both equal and maximum rear rps case. Since we already established that the values of total pressure in the
numerical model are higher compared to the experimental measurements, something else is causing the real
losses to be higher. In this region, the central part of the front slipstream is directly impinging the propeller
blade. A remarkable difference between the real and modelled slipstream, is that in the former its center is
characterized by a strong root vortex, while in the latter the center has a constant distribution of axial and tan-
gential components. Unfortunately, it was not possible to obtain more insightful results of this vortex, but it
is possible to state that its effect on the propeller blade is certainly more dramatic, if compared to a constant
distribution of inflow. The effects of an external vortex on a propeller have been studied by Yang in ref. [35],
where it was found that a co-rotating vortex has a strong impact both in the thrust and torque of the propeller.
The situation for n f = 115 rps is similar, even though the offsets are reduced, and the range of dy spans from 0.5
to 0.875 for equal rps and from 0.5 to somewhere between 0.875 and 1 for maximum rear rps. It can also be no-
ticed how, in this region the experimental distribution presents a quasi-linear behaviour, while a pronounced
curvature is visible in the numerical values distribution.
From dy = 1 to dy = 2, the program results are, again, higher than the experimental. For this range we can
assume that the central vortex is outside the rear propeller area, therefore the ∆CT evaluated numerically are
probably higher due to higher values of total pressure, i.e. induced velocity field, evaluated in the program.
In this case, it should be observed how the results relative to the maximum rear rps case are agree quite well
between each other. This might be explained by the increased accuracy of the numerical evaluation for low
advance ratios, which also for isolated configuration results to be more similar with the experimental values.
The two curves are more spread apart for the equal rps, because we are now at values of advance ratios where
agreement between numerical and experimental evaluations is not very satisfying. Finally, we can appreciate
how, for dy = 2 and 3, there is a small offset between numerical and experimental data. It is hard to tell the
cause of this disagreement. Obviously, numerical ∆CT in this region is equal to 0, since there is no direct over-
lap of the two propellers. However, in the wind tunnel testing many things could have caused this discrepancy.
One reason could be that measurements done for the isolated case and for those two values of dy are differ-
ent due to causes not directly related by the interaction, as for example random fluctuation of the wind tunnel
speed, or vibrations of the testing table that might be different when only one or two propellers are mounted
on it. A more important gap, is observed for n f = 115 rps, suggesting that probably the thrust level of the front
propeller has an influence on this behaviour.
Looking now at the Figures relative to the dx = 0.6 case (Figures 7.5 and 7.7), we can already see how con-
sistently between numerical and experimental approaches, the thrust coefficient losses are less pronounced
if compared to the far case. Anyhow, it is possible to notice that for dy = 1.28 (close to dy = 1.25) numerical
results are again above the experimental one. The effects of increased performance, seen in the experimen-
tal measurements presented in Chapter 6 is more appreciable for n f = 115 rps, in case of lateral separation
dy = 1.75.
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Figure 7.4: Interaction effects: ∆CT vs dy for dx = 5.5 parametrized with two values of advance ratio Jr and n f = 135 rps, comparison
between numerical and experimental results

Figure 7.5: Interaction effects: ∆CT vs dy for dx = 0.6 parametrized with two values of advance ratio Jr and n f = 135 rps, comparison
between numerical and experimental results
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Figure 7.6: Interaction effects: ∆CT vs dy for dx = 5.5 parametrized with two values of advance ratio Jr and n f = 115 rps, comparison
between numerical and experimental results

Figure 7.7: Interaction effects: ∆CT vs dy for dx = 0.6 parametrized with two values of advance ratio Jr and n f = 115 rps, comparison
between numerical and experimental results
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7.3.2. INCREASED POWER REQUIREMENT TO RECOVER THE LOSS OF THRUST

In this Subsection the results relative to the power requirement ∆P needed to keep the same thrust of the front
propeller are compared between the numerical and experimental evaluations. Only the case where dx = 5.5 is
considered, since the results are more evident. In Figure 7.8 the results relative to n f = 135 rps are presented,
while in Figure 7.9 n f is 115 rps. In both plots, good agreement is present between experimental and numerical
results.
Looking at the first plot, unfortunately, it was not possible to compare the results up to dy = 0 since the equal-TC

horizontal line does not intercept the last curve in the experimental plot. Similar thing happen in the numerical
plot, in fact the results relative to dy = 0 and 0.25 are not present. From dy = 0.5 to 1 the numerical results are
lower than the experimental and it can be noticed how, for the same range of dy , the numerical∆CT were lower
than the experimental, as shown in Subsection 7.3.1. So, it should be expected that a less dramatic prediction
of performance losses leads to a slightly underestimation of how much power the rear propeller needs to de-
velop to recover from these losses. As already said in the previous Subsection, the cause of this offset might be
addressed to the presence of the central vortex in the slipstream, that causes increased losses not taken into
account in the numerical model, even though if we look at Figure 7.9, in the same range of dy the experimental
and numerical evaluations are basically on top of each other. Increasing the separation, from dy = 1 to dy = 1.5,
the numerical∆P is higher than the experimental. Again the situation is equivalent to what happen in the∆CT

distribution for the same dy range. Finally, it is possible to see how the differences in the measurements taken
from the isolated case and the two highest values of lateral separation are different from each other, causing
the gap between the curves.
For n f = 115 rps, it was possible to compare the whole range of dy . It can be noticed how, for dy = 0 the power
requirement is consistently higher in the numerical evaluation, but from dy = 0.5 to ' 0.875 the numerical
evaluations agree quite well with the measurements. The more pronounced offset in dy = 0 can be explained
by the gap present in the∆CT distribution for the same value of lateral separation. As before, the overpredicted
losses in the numerical model are to be addressed to explain why the power requirement is higher. Quite simi-
lar behaviour of the two curves is observed in the range from dy = 1 to 1.5, even though the numerical curve is
consistently high in the range. As for the ∆CT distribution, the experimental evaluations for dy = 2 is not equal
to zero as expected, on the other hand for the highest value of lateral separation the value of ∆P is ' 0.
It is quite clear how the curves, both numerical and experimental, for the two different cases proposed, are
quite close to each other. This was already appreciable in the ∆CT curves relative to the "equal rps" case.
Therefore, we can say that when both propellers have the same thrust level, the behaviour of the losses with
respect to the lateral separation is the same.

Figure 7.8: Interaction effects: ∆P necessary to keep the same thrust between front and rear propeller. Front rotational speed n f = 135
and dx = 5.5, comparison between numerical and experimental results
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Figure 7.9: Interaction effects: ∆P necessary to keep the same thrust between front and rear propeller. Front rotational speed n f = 115
and dx = 5.5, comparison between numerical and experimental results

These power requirements should be taken into account when designing vehicles characterized by pro-
pellers in overlapping configurations. In fact, it is fundamental to have an autonomous system able to measure
the loss of thrust and provide the correct power in order to equalize thrusts. We can conclude that for a given
percentage of loss in thrust, it is usually necessary to provide the same percentage of extra power necessary to
mantain the thrust at its undisturbed value.



8
CONCLUSIONS AND RECOMMENDATIONS

This Chapter presents the conclusions and recommendations for future work based on the investigations car-
ried out in this thesis. The main conclusions are discussed first in Section 8.1, followed by recommendations,
given in Section 8.2.

8.1. CONCLUSIONS
This report was focused on the numerical and experimental study of the effects of the interaction between two
propellers in overlapping configuration. In particular, the behaviour in terms of performance of the rear pro-
peller, that was characterized by the impingement with the front propeller slipstream, was studied. Different
parameters were selected, as for example the front propeller rotational speed, the axial separation between the
two propellers and the lateral separation.

The isolated propeller measurements were compared with the numerical results, showing a good agree-
ments especially for low advance ratios. The offsets present for higher advance ratios values were justified by
considering the lack of accuracy of the sensor for such low values of thrust. However it should be considered
that in this area the lack of accuracy in predicting the viscous effect in the numerical model introduces a con-
siderable error in the solution.

Measurements of the front propeller slipstream were performed at different axial position. It was possible
to appreciate how a strong contraction was present even when very close to the propeller disc. The compar-
ison with the numerical model of the slipstream showed substantial differences. First of all, due to the lack
of nacelle/spinner effect on the slipstream model, the contraction ratio followed is different from the relative
measurements. Moreover, the distribution of total pressure along the radial direction of the slipstream, in the
numerical model, does not change, since no friction or mixing effect is taken into account. Moreover, the slip-
stream is characterized, in its center, by a strong hub vortex that was not possible to measure properly, since
the total pressure probe used was too thin, therefore it was subject to strong vibrations.

The effects of the interaction have been studied by changing different parameters. Two of them are axial
and lateral separation between the propellers. The influence of these two parameters are discussed below:

• Effect of the axial separation dx : in terms of axial separation between the two propellers, two cases were
studied, called close and far case. In the close case, the distance between the propeller discs in the axial
direction was equal to 0.6 propeller radius (both propellers have the same radius). In the far case the
distance was 5.5 propeller radius. By looking at the performance it was possible to conclude that when
the two propellers are in close proximity, for given n f , nr and lateral separation, the rear propeller was
less affected by the interaction. The cause of this behaviour is not fully understood, though. One cause
might be related to the fact that since we are close to the propeller disc, the slipstream induced velocity
is not fully developed, therefore its value is smaller compared to the one in the far case. Moreover, it was
possible to observe that for a given n f and for certain values of dy , by increasing the value of advance
ratio of the rear propeller, its performances were higher compared to the isolated case. It was concluded
that this was an effect of the strong contraction of the front propeller slipstream. Since high gradients
of contraction are presents near the propeller disc, at this location the streamlines of the flow outside
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the slipstream results inclined as well. This angle of the velocity vector of the slipstream causes the rear
propeller blade to be interested, in proximity to the interference region, by a reduced axial velocity. This
local increasing of the advance ratio permits the blade to contribute more to thrust and torque, therefore
increasing the averaged performance. We can conclude that, from the results of both experimental and
numerical evaluations, the closer the two propellers are within each other in terms of axial distance, the
less the rear propeller sees a decrease in performance.

• Effect of the lateral separation dy : a broad range of dy values was chosen in order to understand properly
the influence of the overlap on the effects. In particular, the range went from dy = 0, that correspond
to an alignment of both propellers’ axis, to dy = 3, in order to be sure that no strong interactions could
happen. In the close case it was necessary to have a narrow range of dy , with the smallest value equal to
1.28. The more the two propellers were overlapped, the more the rear one suffered the effects of the front
propeller slipstream impingement. In both numerical and experimental evaluation it was possible to
appreciate that when both propeller had the same rotational speed, the rear one suffered, for dy = 0 a loss
of his thrust (evaluated through the factor∆CT ) equal to the 80% of the value relative to the isolated case.
Increasing the separation, the losses decreases as well, but even for relatively high values of dy , like 1.25,
∆CT is in the order of 15 - 20%. It was observed that, by changing n f or nr , the behaviour of the ∆CT was
quite consistent in terms of curve slope. An increased gradient of losses could be observed by comparing
the values from 1.5 to 1 and from 1 to 0.5. The gradient of ∆CT is higher in the second range, which
correspond to a situation where the rear propeller’s blade goes through the center of the slipstream. Since
both propeller have the same rotational direction, some sections of the blade see the swirl component of
the slipstream velocity field in the same direction of the rotation. This causes a reduction of the in-plane
total velocity therefore causing a further decrease of the local angle of attack and more losses.

• Effect of the front propeller rotational speed n f : it was possible to observe, even by looking solely at the
curves of CT − J and CP − J parametrized with lateral separation dy , that an increased rotational speed
of the front propeller is linked to larger losses of performance of the rear propeller. The higher load
distribution of the front one caused its slipstream to be characterized by higher values of axial and tan-
gential induced velocity components. This causes part of the rear propeller blade that goes through the
slipstream to be at an increased advance ratio, therefore developing smaller values of lift and drag, con-
tributing less to the total thrust and torque of the propeller. Comparing the ∆CT experienced by the rear
propeller in an overlapping configurations where dx = 5.5, dy = 0, nr = 165 rps (lowest advance ratio
tested), for both front propeller rotational speeds level, it can be observed what just discussed. In fact,
for n f = 135 rps, ∆CT is in the order of 0.5÷0.55, meanwhile for n f = 115 rps the losses reaches values of
30÷35%. However, an interesting finding was found when looking at how the rear propeller was affected
by the interaction in the case of n f = nr . It was found that the ∆CT behaviour vs dy was consistently
equal in both cases, suggesting that a comparable level of interaction happen when both propellers have
the same thrust level, i.e. the same rotational speed. A possible explanation of what is happening can be
done considering that, as already said, the induced velocity field in the slipstream shed by a propeller, is
proportional to its load distribution. Therefore, if the rear propeller is at the same rotational speed of the
front one, the non uniform inflow distribution of the slipstream velocities causes losses that are always
the same, regardless of the rotational speeds chosen for both propellers.

This study has provided an extensive insight regarding the fundamental effects on a propeller subject to
an interaction with another propeller slipstream. Since it was ascertained that the lateral overlap between the
propellers is the main factor that determines the impact on the rear propeller performance, it is necessary to
be cautious when designing such vehicles. Another aspect worth an investigation is the requirement, in terms
of supplied power, needed to keep both propellers at the same thrust despite the losses due to the interaction.
An increase in power means that it is necessary to decrease the advance ratio at which the propeller is oper-
ating, by increasing its rotational speed. From the evaluation presented in the results part of this work, it was
possible to conclude that the power needed to recover the loss of thrust is proportional to the loss itself. For
high degrees of overlap, the power requirement can reach values up to the 25% of the corresponding power in
the isolated case. Therefore, it is possible to predict, once that a certain lateral separation is chosen, not only
the losses that the rear propeller would face, but also the necessary requirement to keep the propeller at the
same thrust. Another solution, once established the gravity of the losses encountered by the propeller, might
be to increase the blade pitch in order to develop more thrust.
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8.2. RECOMMENDATIONS FOR FUTURE WORKS
Even if the experimental and numerical work presented led to clear conclusions regarding the interaction phe-
nomenon of interest, several improvements could be done to the results. Both the numerical and the experi-
mental approach could be explored more deeply, as it will be discussed below.

Several improvements could be done to the numerical approach proposed. If the actual solution of the pro-
peller loads could be considered as sufficiently accurate, considering the short time necessary to evaluate the
results, as shown in the results Part of this work some strong assumptions have been made, causing a certain de-
gree of approximation in the results. An improved model of the slipstream would be ideal to have an increased
accuracy in the evaluation of the interaction effects. A vortex lattice model could be integrated to the propeller
solution provided by the BEMT code, along with a free wake model, even though the computational time would
be largely increased. Another recommendation would be to consider the effect of the spinner/nacelle, not only
to improve the propeller solution itself, but also to obtain a more geometrically correct model of the slipstream.
The BEMT code used in this work uses a database of aerodynamic coefficients obtained through the 2D panel
code RFOIL. By doing this, a satisfactory compromise between computational time and accuracy of the so-
lution is found. However, it would be necessary to improve the results further, to perform the analysis of the
blade sections through a Computational Fluid Dynamics (CFD) study. Actually, CFD would be an effective way
to simulate the entire propeller and its interaction with the other propeller wake. However, it should be noticed
that such computation would be very expensive, and would require an accurate meshing process, since the
blade would be affected, for a large part, by an unsteady flow. Obviously, a future CFD analysis of this situation
could be done in different degrees of accuracy, for example considering only the rear propeller in a rotational
frame and a time-averaged slipstream that impinges it. More complex analysis could involve a full unsteady
solution of both propellers.

The application of Particle Image Velocimetry (PIV) could help in understanding more the actual behaviour
of the flow between the propellers. In fact, a visualization of the flow direction and magnitude in front of the
rear propeller would be fundamental to draw more conclusions about how the front slipstream actually reaches
and impinges the rear propeller disc. Moreover, further imaging of the back part of the front propeller, therefore
a study of its slipstream, would be useful to understand how the load on the propeller is actually distributed.
Along with flow visualization, noise measurements could provide fundamental informations about the pres-
sure field around the rear propeller. These measurement would be important not only because they would
guarantee an improvement in the description of the interaction, but also a useful data to understand the noise
impact of such configuration. In fact, we should not forget that the main application of eVTOL configuration
would be in an urban context, therefore their noise emission should be studied and taken into account during
the design phase.

Finally, as far as it concerns the testing parameters, it would be interesting to see the effects of the freestream
velocity on the interaction. In fact, the experiments were done for a given value of V∞, enough high to be rep-
resentative of a cruise speed, but low enough so that the propeller would be able to develop a considerable
thrust. However, it would be interesting to see how the interaction is sensitive to lower freestream velocities.
Different values of the freestream velocity will cause the mixing of the external and slipstream flow to be dif-
ferent, therefore the velocity distribution over the rear propeller will results quite diverse. The propellers were
tested without any angle of attack with respect to the freestream velocity. Propeller’s behaviour is sensitive to
the angularity of the flow, therefore it should be expected how the results of the interaction would be affected
by testing the propellers with different angle of attacks. This configuration is relevant since in the reference eV-
TOL vehicles it is actually probable that such interaction would happen when the vehicle is a transition phase
between hover maneuvers and horizontal flight.
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A
INFLUENCE OF THE CRITICAL

AMPLIFICATION FACTOR

In this Appendix the influence of the critical amplification factor on the propeller’s performance solution per-
formed by Prop1D is presented. In Figure A.1 the CT − J curves are shown, while in Figure A.2 the equivalent
CP distributions are presented.
In RFOIL the transition from a laminar to a turbulent boundary layer is predicted using the eN method by van
Ingen [36]. In this method, the critical amplification factor is based on a number of flow field parameters and
external excitations. In the analysis proposed in this work, a value of N = 4 was chosen. However it is useful to
understand how the propeller solution, in terms of thrust and power developed, is sensitive to this parameter.
It can be observed how the thrust of the propeller is almost unaffected by N , as it can be seen in Figure A.1. On
the other hand, increasing the value of N , the evaluated power of the propeller decreases. A reduced value of
N means that the transition points on both lower and upper side of the airfoil move towards the leading edge,
causing a decambering effect on the boundary layer. Therefore, higher values of CP should be expected for the
lowest values of N , however it is actually the opposite. This could be explained by the fact that due to the airfoil
properties, a more turbulent flow causes the local drag to decrease.

Figure A.1: Propeller distribution: local αr distribution on the rear propeller at various radial station η for n f = nr = 135 and dy = 1.25
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Figure A.2: Propeller distribution: local αr distribution on the rear propeller at various radial station η for n f = nr = 135 and dy = 1.25



B
SENSOR CALIBRATION MATRIX

The measurements provided by the static balance sensor are converted into forces and moments using a cali-
bration matrix AR, which is defined by:

AR =



−9.6340 ·10−2 +1.7277 ·10−1 −2.1652 ·10+0 −4.4673 ·10+1 +1.7571 ·10+0 +4.5240 ·10+1

+1.1791 ·10+0 +5.1122 ·10+1 −2.3678 ·10+0 −2.5679 ·10+1 −5.9553 ·10−1 −2.6288 ·10+1

+5.9247 ·10+1 +8.6197 ·10−1 +6.0217 ·10+1 −9.1981 ·10−1 +5.9239 ·10+1 +4.6621 ·10−1

+1.0270 ·10−2 +4.5578 ·10−1 −9.7647 ·10−1 −2.0820 ·10−1 +9.5558 ·10−1 −2.3100 ·10−1

+1.0760 ·10+0 +1.8450 ·10−2 −5.4185 ·10−1 +4.0475 ·10−1 −5.6608 ·10−1 −4.0815 ·10−1

−4.6200 ·10−3 −6.6517 ·10−1 −3.7940 ·10−2 −6.6336 ·10−1 −4.5850 ·10−2 −6.7513 ·10−1


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C
ADDITIONAL NUMERICAL RESULTS

In this Appendix additional numerical results are presented. To understand better the effect of the lateral sep-
aration, in a time averaged approach, in the following Figures the lift coefficient distribution over the propeller
disc is shown. The front propeller rotational speed is n f = 135 rps, and nr = n f . The whole range of lateral
separation factors dy is presented. In particular, from Figures C.1a to C.1d the distributions are relative to
dy = [0,0.25,0.375,0.5], while in Figures from C.2a to C.2h the range is dy = [0.625,0.75,0.875,1,1.25,1.5,2,3].
The axial separation is dx = 5.5.

(a)

(b)

(c) (d)

Figure C.1: Lift coefficient distribution over the propeller for dy = [0,0.25,0.375,0.5]
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(a) (b)

(c)

(d)

(e) (f)

(g) (h)

Figure C.2: Lift coefficient distribution over the propeller for dy = [0.625,0.75,0.875,1,1.25,1.5,2,3]
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